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Kurzfassung 

Die Entwicklung von neuen Stählen und Verarbeitungsverfahren für die Automobilindustrie 

ist getrieben von der heutigen Leichtbaumentalität. Leichte Stahlbauteile mit dennoch 

hervorragender Zähigkeit erfordern eine stetige Erhöhung der Festigkeit. Klassische 

Kaltumformverfahren und die dabei verwendeten Stähle erreichen eine natürliche Grenze, 

die von großen Umformkräften und hoher Rückfederung bestimmt wird. Das direkte 

Presshärten kombiniert die Umformung im heißen Zustand mit einer gleichzeitigen Härtung 

im Umformgesenk und reduziert damit die Umformkräfte und Rückfederung, während die 

Festigkeit gesteigert werden kann. Aus Gründen des Korrosionsschutzes sind die 

eingesetzten Bleche aber meist schon vor der Umformung verzinkt und besitzen somit eine 

erhöhte Rissneigung. 

Das Ziel dieser Arbeit ist daher die Entwicklung eines numerischen Modells, welches zur 

Studie des Rissfortschrittes im Presshärteprozess herangezogen werden kann. Einer 

Einführung in die Herstellung verzinkter, pressgehärteter Bleche folgt eine Beschreibung der 

verwendeten Legierung sowie der Zinkschicht. Eine Zusammenfassung der 

Modellierungsmöglichkeiten von Rissen im Finite Elemente Programm ABAQUS beschließt 

den Theorieteil. Durch die Implementierung verschiedener Rissmodellierungstechniken in ein 

Dreipunktbiegemodell wird der bestmögliche Ansatz ermittelt. Dieser findet schlussendlich 

Verwendung in einem Submodell, welches zur Beschreibung des Rissfortschrittes in einer 

bereits existierenden Simulation eines Presshärteprozesses eingesetzt wird. Zuletzt werden 

verschiedene Positionen des Presshärtemodells auf ihr Rissverhalten untersucht und die 

Erkenntnisse des Modellerstellungsprozesses evaluiert. 
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Abstract 

In the automotive industry, the development of advanced steels and production techniques 

is driven by the desire to produce ever lighter parts while still maintaining good 

crashworthiness. In order to produce lightweight steel parts, their strength has to be 

enhanced. For the common steels used in cold forming processes, large forming forces and 

springback set an upper limit. The direct press-hardening process combines the forming in 

hot condition with a subsequent hardening step, therefore lowering forming forces and 

springback while still enhancing the material strength. However, for reasons of corrosion 

prevention, the formed blanks are usually already zinc-coated and entail the risk of cracking 

during deformation. 

Hence, this thesis aims to develop a numerical model for the investigation of crack 

propagation during press-hardening. A theoretical description on the production process of 

press-hardened car parts is followed by a specification on the used alloy and zinc-layer 

modifications. The theoretical chapter is closed by a summary of crack modelling techniques 

within the finite element program ABAQUS. Through implementation of different crack growth 

modelling techniques into a three point bending test model, the best approach is determined 

and later used to describe crack growth in a pre-existing press-hardening simulation by using 

the submodel technique. Finally, different positions in the press-hardening model are 

addressed and compared regarding their cracking behaviour, and the findings of the model 

development process are evaluated. 
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1 Introduction 

Although materials such as aluminum and magnesium are rising in popularity, the car body 

is still mostly made up of steel parts. Advanced steel grades and production technologies 

allow for growing strength and are therefore viable for light-weight constructions while still 

maintaining good crashworthiness. The classical production process for most car parts uses 

strip material made of high-strength low-alloy (HSLA) or dual phase (DP) steel for the 

subsequent cold stamping. However, the strength in cold stamped components is limited due 

to rising deformation forces and springback. [1–4] 

Boron alloyed steels manufactured by press hardening (PH) can achieve significantly 

higher strength while preserving good formability. Further details will be given in a later 

section, but in summary press hardening is achieved by forming in the hot condition and 

subsequently quenching in the same tool. The latest inventions aim to use already 

galvanized steel strips for the press hardening process to reduce equipment cost and 

production time. A problem in the use of zinc-coated strips for direct press hardening is that 

the zinc layer, which will be dealt with in detail later, is prone to cracking and liquid metal 

embrittlement. [1; 3; 5] 

The aim of this master thesis is therefore to study and implement feasible crack initiation 

and propagation models on top of an already existing 2D finite element simulation of a press 

hardening process and subsequently compare different areas of the given part regarding 

their cracking potential. This is done by using the submodelling technique of the finite 

element software ABAQUS 2017, which will later allow to position the submodel in any area 

of interest and using it even to study other parts made of the same material. 
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2 Theoretical background 

This section aims to introduce all the theoretical information which is necessary for the 

understanding of this work. Following the production route for structural parts in the 

automotive industry, the steel grade, the rolling and galvanizing process and the final 

stamping are covered. Later on, more detail is given regarding the techniques within the finite 

element framework used to model the crack initiation and propagation. 

2.1 Production process for press hardened car parts 

In the Body in White (BiW) of modern cars a variety of steel grades is used. Generally, 

they can be divided into cold-stamped steels, such as high-strength low-alloy (HSLA), dual 

phase (DP) and complex phase (CP) and hot-stamped or press-hardened steels (PHS). [6] 

Since they have been patented in 1974 by the Swedish company Norrbottens Järnverk AB 

for the use in agricultural products, PHS also appeared in the automotive industry in the 

1980s. [1; 3] Nowadays, up to 60 % of the BiW are made of press hardening steels due to 

higher strengths of about 1500 MPa compared to other steels. As this tensile strength comes 

from a hardening step after the forming process, also the springback during forming is 

reduced, which is usually a limiting factor in cold-stamped steels. Figure 2-1 illustrates this by 

showing the common mechanical properties for different steel grades with the typical PHS 

22MnB5 in both the delivery and hardened condition. [1; 3; 4; 7; 8] 

 

Figure 2-1: Overview of mechanical properties for different steel grades. [8] 
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2.1.1 Alloy composition of press hardening steels 

One of the most commonly used PHS alloys is 22MnB5. [1; 3; 8; 9] Variations in the 

content of the most important alloying elements carbon, manganese and boron can be used 

together with a limited amount of other elements to adjust the processing and final product 

properties on a certain scale. Steel grades like 8MnCrB3, 20MnB5, 27MnCrB5, 37MnB4 [8; 

9] and 20MnB8 [5] are some other examples mentioned in literature. Based on a table made 

by Taylor & Clough [1] who summed up the composition of 22MnB5 given by different steel 

manufacturers, Table 1 shows the largest range in content of the major elements in weight-

percent. 

Table 1: Alloy composition of 22MnB5 in wt.-% based on Taylor & Clough [1]. 

Alloy C Mn Si Cr Ti B 

22MnB5 0,20-0,28 0,90-1,40 0,15-0,40 0,10-0,50 <0,05 
0,001-

0,005 

Carbon as an element is necessary for the desired martensitic transformation. It is 

therefore responsible for hardenability and determines solely the tensile strength of the final 

part. Additionally, carbon has a solid solution strengthening effect. [1; 3; 9] 

Manganese and chromium both enhance the strength through solid solution and lower the 

critical cooling rate, thus leading to a better hardenability. However, manganese is not as 

detrimental to ductility as carbon and chromium. Therefore the latter may not be necessary in 

the usually thin strips used in the automotive industry. [1; 3; 9] 

Whereas silicon provides solid solution strengthening and hardenability, its main purpose 

is as a deoxidizing agent during steelmaking. In fact, silicon should be even limited to values 

as low as possible because it promotes detrimental silicon oxide formation on the surface. [1; 

3] 

Although the boron content is only in the range of ten to fifty parts per million (ppm), it is a 

crucial element for PHS. As solute boron segregates to the austenite grain boundaries it 

increases the grain boundary energy and thus delays ferrite nucleation on austenite grain 

boundaries. This, in turn, lowers the critical cooling rate and promotes martensite formation. 

However, as boron segregates heavily, too large amounts of boron will lead to the 

supersaturation of the austenite grain boundaries and subsequent formation of M23(C,B)6 

borocarbide, thereby reducing the hardenability. [1; 3; 10] 
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In order to keep boron in solid solution and prevent the reaction of boron with residual 

nitrogen, small amounts of titanium are added. As titanium has a higher affinity to nitrogen 

than boron, titanium nitride will form rather than boron nitride. Due to its rather coarse nature, 

this titanium nitride will, unlike to other steel grades, not provide any recrystallization 

retardation, grain refinement or precipitation strengthening whatsoever. However, excess 

titanium leads to the precipitation of fine titanium carbides, which cause, in contrast to 

titanium nitride, recrystallization retardation, grain size refinement and precipitation 

strengthening. Titanium carbide is therefore detrimental, as it increases the tensile strength 

of the annealed product, reduces the process window for hot rolling and continuous 

annealing and depletes the matrix of carbon, thus leading to a lower strength in the final 

product. [1] 

2.1.2 Hot and cold rolling 

The molten steel is mostly cast into slabs of up to 250 mm thickness via the continuous 

casting process. [11] It is therefore inevitable to reduce the thickness in order to produce strip 

metal for automotive applications. As a first step, hot rolling is performed with temperatures 

generally above A3 and thus in the austenitic phase. The most general process layout 

consists of a reheating furnace, a roughing stand, a finishing stand and a coiler. Depending 

on the casting technology, as it can be seen in Figure 2-2, one or more of these components 

may be unnecessary. [11; 12] 

In setups using a furnace, it is either responsible for reheating the material from room 

temperature or keeping it hot after the casting for the direct input to the rolling process. Thick 

slabs will firstly need a roughing mill to reduce the slab thickness to about 60 mm. Before 

entering the finishing mill, a shear cuts off the head and tail ends to give them both a clean 

edge. Depending on the material thickness, the slab will pass up to seven horizontal tandem 

mills, where its thickness gets gradually reduced to 1,2 mm at lowest. In this process, the 

material is greatly elongated and at the end forms a strip which may pass an additional 

runout or cooling table before entering the coiling facility. High-pressure water nozzles are 

used on various locations in between the rolling mills to remove scale and prevent it from 

being pressed into the surface. [11; 12] 
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Figure 2-2: Hot-rolled strip production layout depending on casting technology. [11] 

After the hot rolling process the coil is transported to the cold rolling mill. In order to 

achieve a high surface quality, the decoiled strip firstly enters a pickling facility where scale 

from the hot rolling process is removed with the aid of sulphuric or hydrochloric acid. As the 

final gauge cannot be reached within one reduction step, multiple passes of the cold rolling 

mill are traversed until the desired thickness between 0,4 and 1,8 mm is reached. [12] To 

reduce the heavy cold deformation and retrieve the steel‟s formability, the strip passes 

through an annealing furnace. Also a range of different heat treatments could be conducted 

in this step. Levelling, straightening and skin-pass rolling are conducted at the end and the 

strip is cut to its final length after coiling. [11; 12] 

 

Figure 2-3: Cold rolling mill with heat treatment furnace. [12] 
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2.1.3 Galvanizing and Galvannealing 

Demands in the automotive industry regarding corrosion protection require an additional 

galvanizing process (GI). In the fully continuous galvanizing line, the cold rolled coil is firstly 

decoiled and welded together with the preceding strip. For the coating itself, either 

electrolytic or hot-dip galvanizing is possible. Since the latter process is more common, only 

hot-dip galvanizing is discussed more thoroughly, with the process layout displayed in Figure 

2-4. [13] In the hot-dip galvanizing process the strip firstly passes a preheating furnace where 

the surface is cleaned from oxides using a N2/H2 atmosphere and temperatures from 500 to 

760 °C. Depending on the steel alloy, the strip is also annealed above the recrystallization 

temperature, which is typically around 700 °C. Before entering the zinc bath with 

temperatures around 450 °C, the strip is cooled down after the furnace in order to not affect 

the zinc bath temperature. Upon leaving the zinc, the surface layer thickness is controlled via 

air pressure nozzles. A cooling section, followed by levelling, stretching and chromating 

succeeds the galvanizing process. The last part is again the coiling and cutting of the now 

galvanized strip. [1; 11; 12; 14] 

 

Figure 2-4: Layout of a continuous hot-dip galvanizing line. [11] 
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As zinc melts at 419,45 °C and boils at 906 °C, it is sought to further stabilize the coating. 

[5; 15] In a process called galvannealing (GA), the coated strip is annealed at temperatures 

above the melting point of zinc, usually between 450 and 470 °C. [11; 16] Thereby the zinc 

layer is consumed and forms several intermetallic phases within the iron-zinc system through 

diffusion. Figure 2-5 shows the whole iron-zinc phase diagram with an isothermal line at 

850 °C, which is a typical lower boundary for temperatures in the press hardening process. 

[1; 14; 17] 

 

Figure 2-5: Iron-Zinc phase diagram with 850 °C isotherm. [17] 

2.1.3.1 Iron-Zinc intermetallic phases 

The five intermetallic phases present in the coating layer of GA steels are Γ (Fe3Zn10), 

Γ1 (Fe11Zn40), δ1k (FeZn7), δ1p (Fe13Zn126) and ζ (FeZn13), in ascending order regarding their 

zinc content. [13; 15; 16; 18] A schematic cross-section of this layer is displayed in Figure 

2-6 (a), showing the aforementioned phases and their respective stability area in the Zn-rich 

side of the iron-zinc diagram in Figure 2-6 (b). [18] It should be noted that the exact stability 

areas and stoichiometrical formulas are somewhat different in literature, as Inui et al. [13] 

have shown by collecting data from other references [15; 18; 19] and displaying it together 

with their own findings. 
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Figure 2-6: (a) Schematic cross-section of a galvannealed strip. (b) Zn-rich side of the Fe-Zn phase 

diagram. [18] 

On top of the ζ-phase shown in Figure 2-6 (a) might be a remainder of almost pure Zn 

called η-phase, which has not been consumed during the diffusion process. In fact, it is a 

substitutional solid solution crystal with about 0,03 weight-% iron in the hexagonal (hcp) 

solidified zinc. [14; 16] 

The formation of the ζ-phase (ζ) is due to the peritectic reaction (1) between the δ-phase 

(δ) and liquid zinc (L) at a temperature of 530 °C. Alternatively, the ζ-phase could also form 

between the solid η-zinc (η) and δ, as described in formula (2). Regardless of the reaction, ζ-

FeZn13 contains 5 – 6,2 weight-% Fe in a base centered monoclinic crystal. [13; 14; 16]     ζ (1)     ζ (2) 

For the δ-phase, sometimes two slightly different structures, δ1p (palisade morphology) and 

δ1k (compact morphology) are reported, with iron contents from 7 to 11,5 wt.-%. Their 

respective structures are referred to as FeZn7 for δ1k on the Fe-rich side and Fe13Zn126, 

sometimes also FeZn10, for δ1p on the Zn-rich side. However, both phases exhibit the same 

hexagonal crystal structure and are formed by the same peritectic reaction (3) between the 

Γ-phase (Γ) and liquid zinc (L) at 665 °C. Although studies have proven the existence of two 

different phases, as the only difference is the palisade like structure of δ1p in contrast to the 

more compact one from δ1k, it is under debate whether or not to distinguish two different δ-

types. [13; 14; 16] 
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            (3) 

In contrast to the aforementioned phases, the Γ1-phase is the product of the peritectoid 

reaction (4) at 550 °C between Γ and δ, which themselves are intermetallic phases. As the 

iron content in the face centered cubic (fcc) crystal varies between 17 and 19,5 wt.-%, so do 

the chemical formulas describing the phase. Whereas the stoichiometrical expression for the 

Γ1-phase is referred to as Fe5Zn21 [14] or FeZn4 [20] by some authors, the most recent 

studies used Fe11Zn40 [18; 21] and Fe21.2Zn80.8 [13] as chemical formulas. Following these 

formulations, the crystal structure is more precisely described as γ‟-brass structure, a 

substructure of the common fcc, with the details still under debate. [13; 13; 14; 16; 18]      Γ  (4) 

At last, the Γ-phase possesses the highest iron contents with 23,5 – 28 wt.-%. It 

crystallizes at a temperature of 782 °C in the γ-brass structure, a substructure of the body 

centered cubic (bcc) system, due to the peritectic reaction of α-iron (α(Fe)) and liquid zinc 

(5). Stoichiometrical expression vary between Fe3Zn10 [14], Fe4Zn9 [13] and FeZn3. [16]           (5) 

2.1.3.2 Mechanical properties of intermetallic Fe-Zn-phases 

Some studies have been conducted to determine the mechanical properties of the 

intermetallic compounds found in the Zn-layer. The ultimate goal of these studies is to 

determine the best coating composition for a good formability in subsequent steps. Although 

the values vary a bit depending on literature, Γ1 has reportedly the highest microhardness 

[13; 14] and δ1p the highest fracture toughness [13; 22] of all. This is also displayed in Figure 

2-7, with (a) on the left showing the hardness in HV and (b) on the right expressing the 

fracture toughness in MPa•m0,5 for the different phases. [13] 

 

Figure 2-7: (a) Microhardness in [HV] [13] and (b) fracture toughness in [MPa m
0,5

] [22] of the 

intermetallic phases present in the Zn-layer. [13] 
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In contrast to that, Okamoto et al. [21] found that both Γ and ζ exhibit a small amount of 

plastic deformation before fracture and are therefore more ductile than Γ1, δ1k and δ1p, which 

show no plastic deformation at all. As values vary also in this case, Table 2 below gives the 

reported magnitudes of yield strength and Young‟s modulus for all intermetallic compounds 

according to their respective authors. [22; 23] 

Table 2: Yield Strength and Young„s Modulus reported for Fe-Zn intermetallic phases. 

Phase η ζ 
δ Γ 

Author 

δ1p δ1k Γ1 Γ 

Yield Strength [MPa] - 120 1090 1280 1270 540 [22] 

Young‟s Modulus [GPa] 

- 82,4 110 - 118 151 [22] 

83 128 141 210 [23] 

Also, flow curves at room temperature have been determined by He et al. [23] for Eta (η), 

Zeta (ζ), Delta (δ), Gamma (Γ) and a substrate of DP980 steel. Just as in Table 2 above, also 

for the flow curves in Figure 2-8 no further distinctions were made between the two δ- and Γ-

phases from this author. 

 

Figure 2-8: Flow curve for various intermetallic phases and DP980 steel. [23] 
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2.1.4 Press hardening 

Even though the press hardening process itself can be further sub-divided into indirect and 

direct press hardening, both have the quenching of the austenitised material in a water 

cooled forming tool in common. Together with a suitable material, as described in section 

2.1.1, a hard martensitic microstructure can be achieved. Depending on the heating and 

quenching facilities, the microstructure and thus the properties can be tailored to different 

sections of the same part. [1; 3; 5; 9; 17; 24] 

2.1.4.1 Indirect press hardening 

The indirect process, pictured in Figure 2-9, is basically a traditional cold forming process 

with an additional hardening step. Firstly, the strip with ferritic-perlitic microstructure is cut 

into blanks of the desired dimensions and is then deformed in the cold stage. This brings 

also the usual drawbacks of cold forming, like issues with springback, unwanted work-

hardening, larger forming forces and generally lower formability. For the stamping process, 

the blank is put in between a punch and a die, both together resembling the final parts 

geometry. As a ram presses the punch on the die, the blank is deformed in less than two 

seconds to match its desired geometry to more than 95 %, depending on the adjustment 

later done in the hot-stamping. [1; 4; 9] 

The pre-formed part is then heated in a roller hearth furnace to about 900 – 950 °C, which 

is well above the typical A3 temperature of 22MnB5, lying between 800 and 830 °C. Usually 

inert gases like nitrogen, hydrogen or argon are used as furnace atmosphere in order to 

prevent the oxidation and decarburization of the steel, especially if it is uncoated. After 

soaking for three to eight minutes, which assures homogeneous austenitisation and can also 

be used to promote the alloying process between the coating and the steel substrate, the 

pre-formed part is transferred to the hot-stamping press in less than ten seconds. This is 

especially crucial as to prevent the premature ferrite formation, as well as oxidation and 

decarburization. During the transfer, the part may lose 100 – 200 °C in temperature, 

contingent upon parameters like initial temperature, surface area and thickness. [1; 3; 9; 17; 

25] 

With about 800 – 850 °C, depending on furnace temperature and cooling during transfer, 

the pre-formed part is put into the hot-stamping or press hardening tool, also consisting of 

ram, punch and die like the cold press. As the press closes and adjusts the part geometry to 

the final form, the material cools down to approximately 600 – 650 °C due to contact with the 

cold forming tool, while still maintaining a metastable austenitic microstructure. When the 
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press is fully closed, the actual quenching takes place and the steel is cooled down at an 

average rate of 30 °C/s to below 200 °C via heat conduction to the internally water cooled 

punch and die. With the pressure maintained for eight to twelve seconds, this step assures 

rapidly passing the area between martensite start (Ms) and martensite finish (Mf), which is 

typically between 410 °C (Ms) and 230 °C (Mf) for 22MnB5, and exceeding the critical cooling 

rate of 25 °C/s. The now usually fully martensitic part is ejected from the press and air cooled 

to ambient temperature. It exhibits a yield strength of 1000 to 1250 MPa and a tensile 

strength of 1400 – 1700 MPa with a corresponding total elongation of 4 – 8 % (see Figure 

2-11, step 3). [1; 3; 5; 7–9] 

 

Figure 2-9: Indirect press-hardening process with forming, heating and quenching. [5] 

2.1.4.2 Direct press hardening 

In contrast to the indirect process, the steel blanks are heated before the first forming in 

the direct press hardening process (see Figure 2-10). As a consequence, smaller furnaces 

can be used for heating. Other than that the heating and transfer procedure follows the same 

steps and parameters as in the indirect process. However, the major difference is the forming 

in the austenitised condition. The hot and austenitic material has a much lower strength, 

resulting in lower forming forces, and a greatly enlarged total elongation compared to the 

ferritic-perlitic as delivered condition, as it can also be seen in Figure 2-11. Combining these 

effects, a much larger formability of the material is given as compared to the cold state, 

which in turn allows for more design freedom and parts of higher complexity. [1; 4; 8] 

 

Figure 2-10: Direct press-hardening process with heating and combined forming and quenching. [5] 
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The schematic representation of strength and elongation of the ferritic-perlitic, austenitic 

and martensitic microstructures in Figure 2-11 is valid for both the indirect and the direct 

press hardening, the only difference being the forming step taking place after austenitisation 

in the direct process. As mentioned earlier, the final microstructure can be altered from 

ferritic-perlitic over bainitic to fully martensitic and intermediate types in between, depending 

on heating and quenching parameters. [1; 3; 5; 24] 

A possibility to enhance the total elongation of the final part is the so called quenching and 

partitioning process, in which the initial quenching is conducted to a temperature between Ms 

and Mf. In a subsequent step, the carbon diffuses by holding at lower temperatures from the 

martensite to the retained austenite in order to stabilize it. The resulting martensitic-austenitic 

duplex microstructure has better elongation and fracture properties than the fully martensitic 

one. [7; 26] 

 

Figure 2-11: Schematic illustration of tensile strength and corresponding elongation of the 

respective microstructures in different press hardening steps. [1] 
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2.1.4.3 Liquid metal embrittlement 

Despite the obvious advantages of the direct press hardening process in investment costs, 

process time and formability, it suffers from one major drawback, namely liquid metal 

(induced) embrittlement (LM(I)E) as a result of the low melting point of galvanized and 

galvannealed type surface coatings. This phenomenon is avoided by the indirect press 

hardening as the forming is conducted on the cold material with no occurrence of liquid 

metal. [1; 3; 25] 

LME generally occurs whenever liquid metal penetrates into an otherwise ductile material 

subjected to stresses and thus a sudden loss of ductility and therefore brittle cracking occurs. 

Penetration of liquid metal may either occur into pre-existing cracks or alongside grain 

boundaries and other weak interfaces by adsorption, diffusion and dissolution. [1; 3; 17; 27–

29] 

Several theories and mechanisms can be differentiated regarding LME. Commonly it is 

believed that liquid metal is adsorbed on the grain boundaries if the reduction of surface 

energy through adsorption is high enough. Then the liquid metal causes a reduction of the 

surface energy (γSL) in Griffith‟s brittle fracture theory (6) [29] and thereby reduces also the 

cohesive energy required to separate two surfaces. As this theory links the surface energy 

with the critical cleavage stress (σc) of a crack with length “a” in an elastically loaded material 

with Young‟s Modulus “E”, a reduction of surface energy also results in a drop in the critical 

debonding stress. [29] 

   √           (6) 

However, this theory assumes that the embrittlement results solely form adsorption of 

liquid metal on the grain boundary surface. [29] For the press hardening process a different 

mechanism is suggested, whereby it is believed that liquid zinc (L), present through the 

partial melting of δ-, Γ- and Γ1-phases during austenitisation, penetrates pre-existing cracks 

in the galvannealed (GA) layer and reaches the steel (Figure 2-12, I and II). As the diffusion 

is much larger at grain boundaries, Zn diffuses in between the austenite (γ) grains. A phase 

transformation from austenite to α-Fe(Zn) zinc-saturated ferrite (α) occurs on the Zn-enriched 

parts of the grain boundaries due to Zn being a ferrite stabilizer (Figure 2-12, III). With 

applied tensile stresses, a crack may propagate more easily at the weaker layer of α on the 

grain boundaries (Figure 2-12, IV). As liquid zinc flows into the crack by means of the 

capillary effect, the process is repeated until either no stress is present or the temperature 

has dropped enough for the zinc to be fully solid. During quenching the iron-saturated liquid 
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zinc in the crack transforms into Γ-phase. The other phases represented in Figure 2-12 are 

perlite (P) and martensite (α‟). [17; 27; 28] 

 

Figure 2-12: Schematic illustration of LME during press hardening including phase transformation at 

the grain boundaries. [28] 

As mentioned above, liquid metal embrittlement occurs when a combination of high 

stresses, liquid metal and a susceptible base material come together. If one of these is taken 

away, LME could be avoided. Figure 2-13 illustrates the conditions necessary for LME as 

well as possible remedies within the press hardening process to influence the respective 

conditions. [3] 

First of all, a huge amount of parameters regarding the base material influence its 

susceptibility to LME. Some of the most important ones are chemical composition, carbon 

equivalence, yield strength, hardness and residual stresses. Additionally, more complex 

properties like grain boundary energy are to be accounted for. Also forming within the so 

called “ductility trough”, located usually between 700 and 950 °C, promotes cracking and 

thereby additional embrittlement through liquid metal penetration. However, it is not 

practically possible to consider and alter all these properties in order to avoid a material 

prone to LME. [3; 28] 

Concerning the stresses, influences of magnitude, triaxiality and strain rate have been 

reported. A possibility to avoid LME is to separate the stresses induced through forming from 

the liquid metal that occurs during austenitisation. This is done via the indirect press 

hardening, although it comes with the limitations and disadvantages mentioned earlier. Other 

methods to reduce the stress level include carefully designed die forms and a well lubricated 

forming. [3; 28] 

Lastly, a reduction of liquid metal can also help to prevent LME. For galvanized (GI) steels 

this can only be achieved by limiting the coating weight and thereby its thickness. The better 

option, however, would be the use of galvannealed (GA) coatings, as not only the melting 

point of zinc (419,58 °C) [15], but also the evaporation temperature (906 °C) [5; 15] could be 
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significantly raised by the diffusion alloying with iron. Additional influences of the liquid metal 

temperature and chemical composition on LME were also found. [3; 5; 28] 

 

Figure 2-13: Combination of factors leading to LME and possible remedies within press hardening. 

[3] 

Recently a new technology has been developed to mitigate or even prohibit LME during 

direct press hardening. This process involves a contactless pre-cooling of the steel blank 

with the aid of air nozzles. Since it has been found that crack formation is more likely if 

forming is conducted above 782 °C, the blank is cooled down to temperatures below this 

value but above Ms, usually between 550 and 580 °C. Thereby all zinc is solid whilst the 

forming still takes place with austenitic microstructure, although with a little higher forces and 

slightly lower formability due to the decreased temperature. The final martensitic 

transformation is achieved through quenching in the die. However, the PH process for Zn-

coated blanks has generally a rather narrow process window regarding time and 

temperature. Austenitisation temperature (880 – 900 °C) [3; 5] and boiling point of zinc 

(906 °C) [3; 5] are the temperature boundaries while the time is limited by too little or too 

much diffusion, as illustrated by the blue area in Figure 2-14. [1; 3; 5] 

 

Figure 2-14: Press-hardening process windows for Zn and AlSi coatings. [3] 
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Also the classical 22MnB5 can only be held for approximately two seconds in the pre-

cooling temperature range of 550 – 580 °C before bainite formations starts. In order to 

stabilize the process and widen the process window, a 20MnB8 steel with GA coating has 

been developed, which can be held for over 20 s at 550 °C before bainitic transformation. 

This steel, together with the pre-cooling technology allows for direct hot stamping while 

mitigating the risk of LME. [1; 3; 5] 

2.2 Finite element method 

Originating in the 1950s, the finite element method (FEM) has ever since grown more 

popular for the investigation of structures and micromechanical problems. Rising capacities 

in computer hardware allow for the investigation of problems with continuously higher 

complexity. [30] 

Generally speaking, this method interpolates the complex differential equations of 

continuum mechanics, stemming from the conservation of a physical quantity, with 

polynomial interpolation functions valid within an element portion of the whole structure. 

These so called finite elements thereby result from the proper meshing of the investigated 

structure. An advantage of FEM compared to other numerical methods is that the meshing 

can be done with a great variety of different element shapes and is not bound to orthogonal 

and structured meshes, which allows to model intricate geometries very accurately. From the 

contributions of each individual element, a global stiffness matrix is generated and a system 

of linear equations in matrix form of the same type as in equation (7) [31] is solved by 

computer aided numerical algorithms. These algorithms provide an approximate solution of 

the initial problem, calculating forces, displacements and stresses very closely to the real 

ones depending on the mesh size. [30–32] [         ]  [             ]  [      ] (7) 

However, as a lot of literature on the fundamentals and mathematics behind FEM is 

available (for example Klein [31], Koutromanos [30] and Zienkiewicz et al. [32], only to 

mention a few), the following sections in this work will only focus on more in-depth 

techniques within the FEM-framework, which are necessary for the development of a crack 

propagation model. 
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2.2.1 Submodelling 

The submodelling technique implemented in the ABAQUS software allows studying certain 

sections of a model in greater detail without huge computational costs. As the original model, 

called the global model for this method, can be analysed by using a rather coarse mesh, 

computing time can be saved. Later on, the area of interest is cut out from the global model 

and forms the so called submodel. Results obtained from the global model are then used to 

serve as boundary conditions in a subsequent, separate analysis for the submodel, which 

can have a more refined mesh and even a different material response. However, the global 

model must represent the conditions at the submodel boundary with adequate accuracy as a 

prerequisite for this technique. Furthermore, the different modelling of the submodel should 

not change the solution at its boundary significantly. [33] 

As the global model and the submodel generally differ in their meshing, elements of the 

global model in the vicinity of the submodel boundary are used to interpolate the requested 

degrees of freedom (dof) to act as submodel boundary condition. These global model 

elements are taken from the relative position of the submodel assembly compared to the 

global model assembly. Defining a global model element set as source prevents elements 

from other nearby model parts to influence the interpolation. A tolerance specifies the 

distance for extrapolating global element results if a driven submodel node happens to lie 

outside the global model. For the global model analysis, also the result output frequency as 

well as the nodal output precision have to be considered. [33] 

In ABAQUS, two variants of the submodelling technique are implemented, namely the 

node-based and the surface-based submodelling. More common is the node-based 

submodelling, which uses the requested dofs from the global models displacement field as 

boundary conditions. In contrast to that, the surface-based submodelling applies the stresses 

from the global model as surface tractions on the submodel. Whilst node-based 

submodelling has advantages if the model is exposed to large deformations or rotations, the 

surface-based method may provide more accurate results if the stiffness of the global model 

and the submodel differ significantly. If desired, both techniques can be combined and used 

to drive the same submodel. However, the ABAQUS user manual advises to use the node-

based technique. [33] 

Although not classified as a submodelling technique, the predefined fields option in 

ABAQUS is oftentimes used for submodels. Allowing to apply constant as well as analytical 

fields or reading field variables from a global model analysis, this tool can be used to transfer 

stress or temperature distributions obtained in the global model onto the submodel. [33] 
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2.2.2 Cracks in ABAQUS 

There are many ways to study cracks with the aid of ABAQUS finite element software. In 

the following, a brief introduction is given on the possibilities of crack modelling and 

investigation with a focus on cohesive behaviour and the associated traction-separation law 

(TSL). Corresponding to the later simulation, the two-dimensional relations are emphasized 

for the sake of simplicity. However, the same principles and possibilities apply to three 

dimensions. 

2.2.2.1 Static cracks 

If a pre-existing crack is present within a model in ABAQUS, it is possible to study the 

onset of crack propagation. Originating in fracture mechanics theory, either the stress 

intensity factor K, J-integral or Ct-integral are used as indicators for linear-elastic, plastic and 

creep fracture study, respectively. For contour integral analysis, a crack must contain edges 

(in 2D) or faces (in 3D), that are free to separate. Either existing regions with fully modelled 

edges or seam cracks can be used, as indicated in Figure 2-15. A seam can be assigned to 

an edge (in 2D) stemming from the partitioning of a face within the Interaction module of the 

ABAQUS user interface. During mesh generation, overlapping node duplicates are 

generated in the seam, allowing the opening of the initially closed crack under tensile 

loading. [33] 

 

Figure 2-15: Geometrical and seam cracks in ABAQUS. [33] 
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In order to configure a contour integral output, the crack front, crack tip and crack 

extension direction have to be specified. As it is the forward part of the crack, all elements 

within the crack front and the first element layer around it are used for the computation of the 

first contour integral, as referred to in Figure 2-16. Further contour integrals add an 

increasing number of layers outside the crack front. Originating in the crack tip, the virtual 

extension direction of the crack has to be defined either by the normal to the crack plane (n) 

or a directly specified vector (q). In the first case, ABAQUS assumes the direction (q), 

according to equation (8), as orthogonal to the tangent of the crack front (t) and the normal 

(n). [33]        (8) 

 

 

Figure 2-16: Crack tip, crack front and contour integral. [33] 

Depending on the material behaviour, one of the aforementioned types of contour integrals 

could be requested as history output in the Step module of ABAQUS. They are furthermore 

computed in such a way that their value is positive if the virtual extension direction (q) is 

towards the material. As these cracks can only open but do not propagate, the accuracy 

could be improved by a meshing which properly describes the crack tip singularity. However, 

contour integrals could also be requested for propagating cracks with special respect to their 

definitions. [33] 

2.2.2.2 Surface-based crack propagation analysis 

All of the next mentioned crack analysis techniques have in common that they require 

partially bonded surfaces in order to locate the crack tip. Therefore a surface contact 
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interaction is to be set up, using any contact formulation except the finite-sliding, surface-to-

surface contact. With the aid of master and slave contact formulations, possible crack 

surfaces are defined, thus making the crack path non-arbitrary. A node set containing slave 

surface nodes specifies the initially bonded parts of the surface, which will be assigned the 

initial conditions, whereas the unbonded part will behave as a regular contact surface. One of 

the following six fracture criteria can be used for crack propagation, which are critical stress 

at a certain distance ahead of the crack tip, critical crack opening displacement, crack length 

versus time, Virtual Crack Closure Technique (VCCT), enhanced VCCT and a low-cycle 

fatigue criterion based on the Paris-law. Except for VCCT, the use of these fracture criteria is 

not supported in the ABAQUS user interface and has to be manually written into the input-file 

with the *FRACTURE CRITERION keyword, directly following the *DEBOND option. Besides 

the Paris-law, which describes fatigue crack growth, these methods shall be shortly 

introduced in the following. [33] 

Critical stress criterion 

When debonding is active, the critical stress criterion requires the definition of a normal 

failure stress (ζf) and, depending on the dimensionality of the problem, one or two shear 

failure stresses (η1
f, η2

f). If the fracture criterion f calculated by equation (9) reaches a value of 

1 at a specified distance ahead of the crack tip, the current crack tip node will debond. This 

distance is measured alongside the slave surface as visualized in Figure 2-17. [33] 

 

Figure 2-17: Important distances for the critical stress criterion. [33] 

It is possible for the critical stresses to be dependent on temperature and other field 

variables. The variables  ̂ , η1 and η2 represent the current stress values at the requested 

distance. As the crack should not propagate under pressure, only positive values for  ̂  are 
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regarded, else it is set to zero. Additionally, if the critical shear stresses are either zero or not 

specified at all, they are set to high numbers so that only normal stresses are taken into 

account. Typically this fracture criterion is most useful in describing brittle cracking materials. 

[33] 

Critical crack tip opening displacement criterion 

For the critical crack tip opening displacement criterion, the current value of the crack 

opening displacement δ is checked against the specified critical value δc at a certain distance 

n behind the current crack tip. Figure 2-18 shows the crack tip opening displacement as well 

as the mentioned distance n. When δc is reached, the fracture criterion f in equation (10) has 

a value of 1 and the crack propagates by debonding the current crack tip node. [33] 

Regarding the data input, the crack opening displacement has to be provided as a function 

of the cumulative crack length, which is the difference between the initial and current crack 

tips, measured alongside the slave surface. As this method requires a certain crack tip 

deformation before debonding, it is mostly used to model crack propagation in ductile 

materials. Aside from that, this technique also allows crack surfaces to lie on symmetry 

planes. [33] 

 

Figure 2-18: Critical crack tip opening displacement criterion. [33] 
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      (10) 
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Crack length versus time criterion 

In this method, the crack length, measured from a reference point, is directly defined as a 

function of total time. The reference point itself is calculated from the positions of a reference 

node set. Concerning the fracture criterion f, equation (11) is related to Figure 2-19, as the 

distance of the current crack tip node to the reference point l3 is the sum of the contributions 

from the initial crack length l1 and the subsequent nodal distances Δl on the slave surface up 

to the current crack tip. The crack tip node will debond when the length l taken from the 

predefined crack length versus time diagram, as seen on the right in Figure 2-19, grows to 

such a value that the fracture criterion f reaches unity. [33] 

 

Figure 2-19: Crack length versus time criterion. [33] 

VCCT 

As stated above, this fracture criterion is also supported in the ABAQUS user interface. It 

is based on linear elastic fracture mechanics (LEFM) theory, thus being best suited for the 

description of brittle crack growth. Originating in LEFM, the theory states that for brittle 

materials, the strain energy released by a particular crack extension is the same as the 

energy required to close the crack by an equal quantity. Generally, the fracture criterion in 

equation (12) is governed by the relation between the equivalent energy release rate Gequiv 

and the corresponding equivalent critical value GequivC. The latter is calculated based on the 

critical energy release rates from each individual fracture mode and one of the three provided 

mode-mix models, which are Benzeggagh-Kenane (BK) law, power law and Reeder law. [33] 

                  (11) 
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For the sake of simplicity, Figure 2-20 illustrates the VCCT criterion for pure Mode I 

loading. In this case, equation (12) can be written as follows in equation (13), whereby GI and 

GIC are Mode I energy release rate and the respective critical value, b describes the width 

and d the length of an element, Fv,2,5 is the vertical force between nodes 2 and 5 and v1,6 

indicates the vertical displacement of the indicated nodes. Both equation (13) and Figure 

2-20 show that the energy release rate is related to the area under the load-displacement 

curve. [33] 

 

Figure 2-20: Mode I fracture in VCCT. [33] 

Unlike the described VCCT criterion, the enhanced VCCT method uses two separate 

critical fracture energy release rates for the onset of cracking and the crack propagation. 

Other than that, the fundamental fracture criterion stays the same and is also described by 

equation (12). [33] 

2.2.2.3 Extended finite element method 

In the classical FEM-method, quantities inside elements, such as displacement, are 

interpolated with the aid of polynomial interpolation functions, as pointed out at the very 

beginning of this chapter 2.2. While this approach proves very useful for a vast amount of 

problems, it requires these functions to be continuous throughout the element. Thus 

discontinuities such as crack faces are forced to lie on the boundaries of the elements and 

                (12) 

          (            *      (13) 
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are therefore limited to predetermined paths. Alternatively, a constant remeshing of the 

model would have to be performed. First introduced in 1999 by Belytschko and Black [34], 

the extended finite element method (XFEM) aims to remediate this shortcoming by the 

introduction of special displacement functions. These displacement functions enrich the 

degrees of freedom in the respective element and thereby allow the presence of 

discontinuities. The original equation for the displacement vector u in an element with N 

nodes only includes the nodal shape functions NI(x) and the nodal displacement vectors uI, 

as the first term in equation (14) shows. For the enrichment in the XFEM method an 

additional jump function H(x) as well as asymptotic crack-tip functions Fα(x) are introduced, 

both multiplied to their respective nodal enriched degree of freedom vector aI and bI
α, thus 

forming the new displacement function (14) in an enriched element. [33–36] 

As stated before, the first part of equation (14) is valid for the classical FEM-concept and 

therefore for the whole model. However, the second part applies only to nodes which are cut 

by the crack interior, whereas the last part governs all nodes whose respective shape 

functions are intersected by the crack tip. With the aid of equation (14), the modelling of 

stationary cracks with an arbitrary crack path is possible. [33–36] 

Another distinct advantage of XFEM is that it is capable of modelling not only stationary 

cracks, but also the processes of crack initiation and propagation. Contrary to the 

aforementioned surface-based methods, an initial crack might, but does not necessarily have 

to be present. Both the initiation and propagation behaviour of a crack can be implemented 

by combining the XFEM-concept with the (enhanced) VCCT method, described before in 

section 2.2.2.2, or the cohesive approach, which will be dealt with in the following section 

2.2.2.4. While (enhanced) VCCT is best suited for brittle cracking, the cohesive approach 

could be also used for ductile fracture. In ABAQUS a set of elements must be defined for 

which it is allowed to use the enriched functions. If no pre-existing crack within this domain is 

assigned, then a crack initiates once a specified damage criterion according to the modelling 

approach is met. These damage initiation criteria will be introduced later on in section 

2.2.2.4, but are related to the maximum principal stress or strain, the maximum nominal 

stress or strain or the quadratic nominal stress or strain. Additionally, for both VCCT and 

cohesive approach, a user defined damage initiation criterion can be assigned, with the 

difference that cohesive properties are quantified within the bulk material definition, whereas 

VCCT parameters are specified as interaction property. [33; 35; 36] 

  ∑     [          ∑          
   ] 
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Concerning the crack propagation, either the direction normal to the maximum tangential 

stress or orthogonal to the element local 1- or 2-direction defines further crack extension. 

Once the direction has been determined, the crack propagation starts. This is done by 

dividing each element intersected by the crack into original and phantom nodes for both 

crack faces. In an undamaged element, the phantom nodes are tied to their respective 

original nodes. As soon as damage initiates, the phantom nodes can separate from their 

corresponding real nodes, whereas the magnitude of movement is determined by either 

VCCT or the cohesive law. The phantom nodes are then used for the interpolation of the 

displacement in the real domain Ω0 by using the degrees of freedom provided from the 

original nodes and the phantom nodes in the phantom domain Ωp. For the correct 

interpolation of the resulting displacement jump, the integration is only done on the real side 

of each crack face up to the crack, as Figure 2-21 indicates. [33; 35; 36] 

 

Figure 2-21: The phantom node method with real domain Ω0 and phantom domain Ωp for both crack 

surfaces. [33] 

XFEM offers some rather unique advantages like the possibility of crack initiation, arbitrary 

crack growth and mostly mesh independence. Brittle or ductile cracking can be modelled by 

the means of VCCT or a cohesive law, contour integral evaluation can be requested and 

XFEM can be implemented into a submodel approach. However, it is currently not able to be 

used alongside elastic-plastic material behaviour. [33; 35] 

2.2.2.4 Cohesive model 

Firstly introduced by Dugdale [37] and Barenblatt [38] in the early 1960s, the cohesive 

zone model (CZM) is a phenomenological approach to avoid the crack-tip stress singularity, 

which is considered unrealistic for this model. As ductile crack growth is often associated 
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with the nucleation and coalescence of microvoids ahead of the crack tip, as seen on top of 

Figure 2-22 a), other models account for the stiffness reduction due to these voids by a 

damaging law for the bulk material. In contrast to that, the CZM assumes the crack to have 

cohesive tractions T(δ) on its ends, with the magnitude depending on the separation δ of the 

crack surfaces, indicated by the idealization in Figure 2-22 a). This concept is used to 

separate the constitutive behaviour of the bulk elements from the damaging process by 

inserting cohesive interface elements between bulk elements. The damaging of the interface 

elements seen in Figure 2-22 b) is then governed by a cohesive law, often times also called 

traction-separation law (TSL). Since it is a phenomenological model, many different shapes 

of the TSL are in use, with Figure 2-22 c) showing two of the most common for modelling 

brittle and ductile fracture. However, the TSL will be dealt with in greater detail later on in this 

chapter. [39; 40] 

 

Figure 2-22: Fracture process description by the cohesive zone model showing a) the idealization of 

fracture by cohesive elements, b) their implementation as interface elements with the respective 

fracture modes and c) cohesive laws for brittle and ductile fracture. [39] 

Implementation in ABAQUS 

There are two main ways how the cohesive model can be used in ABAQUS, which are 

based on either cohesive elements or cohesive surface interactions. The latter is very similar 

in its layout to the methods described based on surface interactions in chapter 2.2.2.2, 
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despite the fact that cohesive interactions can be directly specified in the ABAQUS user 

interface. However, cohesive elements can be generated in several ways, including the 

creation of a separate part, element offset from an orphan mesh or insertion alongside a 

predefined seam. In order to properly connect the cohesive elements to the bulk material 

mesh, they must either share nodes or be connected via a tie constraint. Additional contact 

interactions can be also applied, although they are mostly not required as cohesive elements 

retain their compressive stiffness even if fully degraded in other directions. It is also to 

mention that cohesive elements are mostly modelled with a very thin, but often times finite 

width, which has to be considered in certain cases. Contrary to that, cohesive surfaces never 

account for thickness effects. Another difference is that stresses and separations are 

calculated on the surface nodes, which are equal to the bulk element nodes at the boundary, 

for cohesive surface interactions, whereas particular integration points are used in cohesive 

elements instead. Figure 2-24 shows cohesive elements with their nodes (numbers) and 

integration points (letters) for the use in 2D and 3D solid simulations, whereas the dimension 

of the element is always one less than the dimension of the adjacent elements. [33; 39; 41] 

 

Figure 2-23: 2D and 3D cohesive elements with nodes and integration points. [39] 
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Traction-separation law 

For the traction-separation response, firstly a linear elastic behaviour is considered until 

damage initiates. Without a full coupling, for which the off-diagonal entries would be non-

zero, the elastic behaviour could be described with equation (15). [33; 36; 42] In this 

equation, n, s and t denote the normal, shear and tear direction, respectively. The vector of 

the cohesive stresses T contains the tractions t in the respective directions, which is also true 

for the displacement vector δ and the individual separations δ. They are connected by the 

interface stiffness matrix K, whose entries are to be interpreted as penalty stiffnesses. [33; 

36; 42–44] 

To ensure that the compliance of the bulk material is much larger than that of the cohesive 

interface, Turon, et al. [45] suggested a mode I penalty stiffness Knn according to equation 

(16). This equation refers to E3 as the transverse Young‟s modulus of the material, t as the 

thickness of an adjacent sub-laminate and α describes a number larger than one, most 

commonly 50. [43; 45; 46] 

In order to set up a cohesive model, at least three parameters have to be provided to 

ABAQUS. For the simplest case of a bilinear TSL shown in Figure 2-24, these parameters 

are the penalty stiffness Knn, the maximum traction tn
0 (also often Tn

0) and the critical 

separation δn
f. It is noteworthy that not only the maximum traction, but also all other variables 

may be different depending on literature, but these notations have been chosen to 

correspond to Figure 2-24. Also the cohesive energy Γ0, which is equal to the J-integral, 

could be used as a third parameter. Since the energy dissipated by the cohesive elements is 

equal to the area under the TSL, the parameters traction, separation and energy are 

interchangeable according to equation (17). [39; 40; 47; 48] 

Upon reaching damage initiation, the element stiffness as well as the traction is linearly 

reduced to zero with increasing separation. This behaviour is governed by the multiplication 

of the effective traction t eff, resembling the undamaged material response with stiffness Knn, 

  {      }  [               ] {      }     (15) 

         (16) 

Γ  ∫          
  (17) 
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with a factor depending on a damage variable D increasing monotonically from 0 to 1. The 

limitation for tension only made in equation (18) is only to be regarded for mode I traction, 

whereas other loading cases are similar to the above statement. [33; 36; 41; 44; 46; 49] 

 

Figure 2-24: General bilinear traction-separation law with damage description and unloading 

behaviour. [36] 

Damage initiation 

As already mentioned in section 2.2.2.3, there are six damage initiation criteria available in 

ABAQUS. In analogy to the damage criterions for the surface based methods described in 

chapter 2.2.2.2, damage initiates when the used criterion f reaches unity. In the following 

equations (19) to (24), ζmax and εmax denote the principal stress and strain, tn, ts, and tt the 

nominal stress in normal, first shear and second shear direction and εn, εs as well as εt the 

respective nominal strains in these directions. A zero in the superscript signifies the 

corresponding maximum allowable values and 〈〉is the Macaulay bracket, indicating that 

compressive loading does not contribute to damage initiation. [33; 36; 41; 42; 46] 

  

   ,       ̅     ̅      ̅             (18) 
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1. Maximum principal stress criterion (MAXPS) 

2. Maximum principal strain criterion (MAXPE) 

3. Maximum nominal stress criterion (MAXS) 

4. Maximum nominal strain criterion (MAXE) 

5. Quadratic nominal stress criterion (QUADS) 

6. Quadratic nominal strain criterion (QUADE) 

Damage evolution 

Once damage has initiated, the response for damage evolution has to be specified. 

ABAQUS provides two types of damage evolution laws, namely the linear damage evolution 

(see Figure 2-22 and Figure 2-24) and the exponential damage evolution, as seen in Figure 

2-25. In both cases, either the maximum allowable separation at failure δf or the fracture 

energy GC may define the degradation curve. Although these values are interchangeable 

according to equation (17), it has to be mentioned that the fracture energy GC as used by 

ABAQUS is equivalent to the area under the TSL after damage has initiated, whereas the 

cohesive energy Γ0 covers the whole area. [33] 

  ,         - (19) 

  ,         - (20) 

     ,〈  〉               - (21) 

     ,〈  〉               - (22) 

  ,〈  〉   -  ,     -  ,     - 
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Figure 2-25:Exponential damage evolution law. [33] 

Under mixed mode conditions, the damage is often defined in terms of effective 

displacement δm, calculated according to equation (25). [33; 42; 44] 

The damage evolution in case of linear softening is governed by equation (26) for evolution 

based on displacement as well as evolution based on energy, although the effective 

separation at failure δm
f has to be firstly calculated from the mixed mode fracture energy GC 

in the latter case. In equation (26), the variable δm
max refers to the maximum obtained 

effective displacement based on equation (25). [33; 42; 50] 

For the evolution based on fracture energy, the mixed mode fracture energy GC may be 

obtained through the power-law equation (27) or the Benzeggagh-Kenane (BK) equation 

(28), where the indices n, s and t designate the fracture energy in the normal, first shear and 

second shear direction, the superscript C indicates the respective critical values and α and η 

are parameters. For the sake of a simpler writing, GS Gs Gt and GT Gn Gs Gt in the 

following. [33; 41; 46; 50; 51] 

1. Power law 

   √〈  〉          (25) 

                     (       ) (26) 
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2. BK law 

Shown below, Figure 2-26 illustrates the mixed-mode response of a bilinear TSL based on 

the quadratic nominal stress criterion for initiation and the BK law for the evolution of 

damage. The damage variable D for the exponential softening will not be shown here, as it is 

beyond the scope of this work. However, besides the provided softening functions, ABAQUS 

allows to give the damage in tabular form if a displacement based approach is used. In this 

case, the damage variable D has to be specified ranging from 0 to 1 as a function of δm-δm
0. If 

necessary, also dependencies on the mode mix, temperature and field variables have to be 

accounted for. [33] 

 

Figure 2-26: Mixed-mode fracture response based on the quadratic nominal stress and BK criteria. 

[33] 

Before damage initiation, unloading of the structure will follow purely the linear elastic 

response described in equation (15) and displayed in Figure 2-24. However, should 

unloading occur once the material has been damaged, the unloading path will be along a line 

connecting the current traction in the damaged state and the origin of the TSL. Reloading will 

then follow the same path until the damage curve is reached again and the traction declines 

upon further loading. This behaviour is implemented in ABAQUS for all shapes of cohesive 

laws and is equivalent to a decrease in elastic stiffness for the damaged part. Unloading and 

                {    }  (28) 
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reloading after damage can be observed in Figure 2-24. However, Scheider [40] gives a 

more detailed description of the unloading process and refers to this particular type as 

cleavage unloading, in contrast to the ductile unloading, where the stiffness is not damaged 

and a separation is retained. [33; 36; 40; 41; 43; 48] 

Brittle and ductile fracture 

As indicated in Figure 2-22 c), the bilinear traction-separation law is mostly regarded for 

the simulation of brittle fracture, whereas many authors use a trapezoidal or similar, more 

rounded form to describe ductile crack propagation. In contrast to the triangular shape, the 

trapezoidal form has an additional parameter δf1, which marks the beginning of decline after 

the area of constant traction. Relating to Figure 2-27 from Heidari-Rarani and Ghasemi [52], 

the following equation (29) describes the evolution of the damage variable D for the 

trapezoidal TSL. [39; 40; 43; 47; 48; 52–60] 

 

Figure 2-27: Trapezoidal TSL for cohesive behaviour. [52] 

Determination of parameters 

Due to the fact that the cohesive model is a phenomenological approach, most parameters 

are not related specifically to the material and have to be experimentally determined. Only 

the cohesive energy at failure Γ0 is equal to the J-integral at crack initiation and thus is 

corresponding to the fracture energy in LEFM. However, this statement is only valid if the 

assumptions made for the J-integral are fulfilled. Since no unloading is permitted for the 

  {  
                          *   (           )+           (29) 
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determination of J, its correlation with Γ0 is applicable only under certain preconditions for 

propagating cracks, as the new crack surfaces are completely unloaded. [39; 40; 61; 62] 

Several studies have been conducted on how to determine the shape and appropriate 

parameters for the TSL. Throughout these studies, one of the most popular techniques to 

obtain the maximum traction is to simulate a notched tensile specimen and determine the 

centre stress at fracture onset from the simulation, as Figure 2-28 suggests. [39; 47; 63; 64] 

Also shown in Figure 2-28, the cohesive energy is oftentimes evaluated by the use of 

compact-tension (CT) specimens and interpreted as the J-integral at the onset of cracking. 

[39; 47; 64] A wide variety of authors also uses the CT-experiment ([43; 55; 64]) or a three 

point bending test ( [42; 62; 65; 66]) to calibrate all parameters of the TSL in an iterative 

process of simulation and comparison. Additionally, there is a growing database of literature 

values and a further possibility to obtain TSL parameters with the aid of micromechanical 

simulation in representative volume elements with damage based on void nucleation models, 

like the Gurson model. [43; 47; 48; 51; 56; 57; 65; 67] However, these methods require either 

a lot of tests or the knowledge of parameters for other damage models. For this reason 

Wang and Ru [68] aimed to establish a method to acquire the maximum traction and the 

cohesive energy Γ0 based on just the uniaxial stress-strain curve. Throughout all these 

methods, special care has to be taken as the obtained parameters are dependent on the 

mode-mix ratio. [43; 51; 62; 65] 

 

Figure 2-28: Determination of maximum traction T0 and cohesive energy Γ0 paramters for normal 

and slant fracture. [39] 
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Comparison with other techniques 

The cohesive model is probably the most general and versatile of all the described 

methods. It is not bonded to pre-existing cracks as most other surface-based methods, but is 

also capable of describing crack initiation. Unlike VCCT, brittle as well as ductile crack 

propagation is covered by this technique. Compared to XFEM, where the cohesive model is 

incorporated, this technique cannot model arbitrary crack paths, but is in exchange 

applicable to elastic-plastic material behaviour. With user-defined elements and materials it is 

further possible to incorporate own traction-separation laws and combine them, for instance, 

with a diffusion or phase transformation model. [33; 36; 40; 43; 54–56; 59; 63] 

2.2.3 Multipoint constraint 

Multipoint constraints (MPC) in ABAQUS can be rather general and allow constraining 

different degrees of freedom of a model. However, this section aims to shortly introduce the 

SLIDER MPC, as it proved useful in the later simulation. [33] 

The SLIDER multipoint constraint restricts a given node or node set p to remain on a 

straight line defined by two other nodes a and b, as shown in Figure 2-29. However, the 

restricted nodes are allowed to move along the line and the line itself can change in length. 

Therefore the thinning behaviour is retained while the nodes are not able to separate in the 

orthogonal direction. This MPC is not supported in the ABAQUS user interface and must be 

manually written into the input file following the *MPC keyword and providing the constrained 

nodes p, succeeded by the nodes a and b defining the line. [33] 

 

Figure 2-29: Multipoint constraint SLIDER forcing the nodes p
i
 to remain on a straight line between 

node a and b. [33]  
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3 Crack growth simulation 

As now the theoretical information regarding the production process, material and 

simulation techniques has been provided, this chapter shall deal with the actual simulation 

and the application of material concepts and parameters. The ultimate goal is to implement a 

method suitable for studies on crack growth into a pre-existing simulation. Starting with an 

explanation on the preliminary work, test models for crack growth simulation are introduced 

in the following. Lastly, the implementation of the model into the pre-existing simulation is 

covered. Since ABAQUS is a dimensionless program, all data has to be provided in 

consistent units, which will be the system of mm-kg-ms throughout this work. 

3.1 Preliminary Work 

Tomasch et al. [69; 70] have conducted several simulations for the direct press hardening 

of 20MnB8. Consisting of four coupled temperature-displacement steps including forming, 

press-hardening, withdrawal and springback, the developed model can predict stresses, 

temperature distribution and martensite phase fraction based on the initial temperature of the 

steel sheet. This temperature is in the range of 510 to 660 °C and accounts for the pre-

cooling technology described in the last two paragraphs of section 2.1.4.3. Predefined fields 

are used to set the initial temperature, which is 25 °C for all tools. However, as only the 

forming step is of interest for this work, the other steps will be only mentioned shortly. [69; 

70] 

The model shown in Figure 3-1 has a symmetry boundary condition along all surfaces on 

the left side, as it shows the right half of the real arrangement. All tools are constrained in 

their rotational movement and the punch is furthermore fixed in y-direction. A special 

functionality is implied on the uppermost point, which is connected to the die and governs the 

die movement and acts as a connector point. Clamping of the blank between die and holder 

is ensured by the connector force with time dependent amplitude, acting between the 

uppermost point related to the die and a point on the holder. General contact with friction and 

a clearance dependent thermal conduction governs the interaction between the blank and 

the tools. Additionally, the upper and lower surface of the blank exhibits heat loss by a 

temperature dependent convection coefficient. [69; 70] 
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Figure 3-1: Original model consisting of a blank clamped between die and holder, a punch and a 

connector. [69] 

While the tool material is elastic with uniform density, heat conductivity and specific heat, 

the 20MnB8 blank is more complicated. All properties except the density are temperature 

dependent, which includes Young‟s modulus, Poisson‟s ratio, expansion coefficient and 

plastic parameters as well as thermal conductivity and specific heat. Although plasticity is 

additionally dependent on strain rate, this dependency relatively minor compared to the 

temperature dependence. Also heat generated by inelastic deformation is accounted for. 

Martensitic transformation is calculated with the aid of USDFLD subroutine and field 

variables, while SDVINI, UEXPAN and HETVAL subroutines are also in use. [69; 70] 

3.2 Three point bending test models 

As described in section 2.2.2, there are several ways to study cracks in ABAQUS. 

However, the cohesive model is the most appropriate considering that crack growth should 

be implemented into the model from Tomasch et al. [69]. Related to their name, static 
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models do not allow the study of growing cracks, whereas the other methods described are 

either not sophisticated enough or are inapplicable due to the plastic material and cracking 

behaviour. Based on the work of Sung et al. [59] and Vanapalli et al. [62], a three point 

bending test is chosen to investigate and compare the surface-based and the element-based 

cohesive zone model. 

3.2.1 Model dimensions and boundary conditions 

Two models sharing all properties except the different cohesive approach are developed. 

These models are also closely related to the original model shown in Figure 3-1, so to 

assess the cohesive behaviour under similar circumstances as in the pre-existing simulation. 

Figure 3-2 below illustrates the three point bending test model where punch and bearings are 

modelled as analytical rigids with 3 mm radius, according to the smallest radius in the original 

tool. The original blank thickness of 1,51 mm is retained and the length is chosen equally to 

the distance from the symmetry plane to the blank end in Figure 3-1, which is 150 mm. As 

the implementation of analytical rigids with the ABAQUS user interface imposed some 

problems, punch and bearings are manually programmed into the input file. Although the 

chosen distance of 24 mm between the bearings would not require the whole 150 mm blank 

to be modelled, it is nonetheless desired to do so as the mesh could later on more easily be 

transferred. 

 

Figure 3-2: Three point bending test model with dimensions. 

For the boundary conditions, both bearings were denied any translational or rotational 

movement, whereas only rotation and displacement in x-direction is restrained for the punch. 

By the means of frictionless contact interactions between punch and blank as well as 

bearings and blank, the blank is sufficiently constrained in y-direction. However, the 

uppermost middle point, as marked in Figure 3-3 c), is chosen as symmetry point and fixed in 

its horizontal position. Loading is provided by moving the reference point of the punch 15 mm 

downwards. With the aid of a predefined field, different temperatures can be applied to the 

blank, whose 20MnB8 material possesses the same temperature dependent elastic and 

plastic properties as the original model, but without capability of martensitic transformation. 
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Additionally, a 10 μm [17; 23] thick layer is implemented on each side of the blank, as Figure 

3-3 shows, thus simulating the galvannealing (GA) process. This layer is initially assigned 

with material properties of intermetallic Γ-phase, as it is assumed to consist only of Γ at the 

present temperatures (see Figure 2-6 b)). However, if necessary it could also be given the 

characteristics of other phases, which altogether will be described in section 3.2.4. Although 

not considered in this work, the layer could be further sub-divided to match the structure of 

Figure 2-6 a) in section 2.1.3.1. 

 

Figure 3-3: Blank mesh with increasing magnification starting from a) original thickness with 

coarsest elements and interactions to c) showing the smallest elements, intermetallic layer and 

symmetry point. 

3.2.2 Meshing 

As mentioned in section 2.2.2.4, the cohesive model is sensitive to the mesh size on the 

parting interface. Therefore a fine mesh in the direct vicinity of the interface is chosen in 

order to accurately capture the cracking process, whereas a transition to a coarser mesh on 

the outside is made to save computing time. Quadratic plane strain CPE4 elements are 

used, for which the edge length x is related to the distance h between the top and bottom 

layer and the number of mesh transitions p, as equation (30) states. As the element in each 
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succeeding partition is three times the size of the current element, the base for the exponent 

b in equation (30) is 3. 

Half the distance between the layers is chosen so to partition only one half of the part and 

copy the pattern to the other. Rewriting equation (30) gives the element size x for each 

partition as equation (31) shows. 

With Figure 3-2 giving the original blank thickness of 1,51 mm and Figure 3-3 showing the 

10 μm thick layer for each side, the layer distance h is 1490 μm. For a reasonable mesh size, 

a number of six partitions is chosen, which gives element sizes of 1,022 μm, 3,066 μm, 

9,198 μm, 27,593 μm and 82,778 μm in ascending order from the crack interface. It should 

be noted that the last mesh transition to elements with 248,333 μm edge length is not carried 

out as it seems to generate too coarse elements. The first partition consists of ten elements 

counted from the crack interface before the transition element is reached, whereas every 

succeeding partition has a number of six elements between the transition elements. The 

reason is to avoid producing a sudden jump in element sizes. 

Due to the layer being of arbitrary size, it is not included in equation (31). In order to match 

the other element sizes, the layer is divided into nine elements, resulting in 1,111 μm as 

smallest element size. Element sizes in subsequent partitions are also three times larger 

than in the current one according to the aforementioned partitioning. From the point where 

one side is equal to the layer thickness, the other side is set to match the underlying 

elements. 

3.2.3 Model differences 

Using the surface-based approach, two separate parts have to be connected via a surface 

interaction. In this model only a part of the interface is actually governed by means of a 

traction versus separation law, as the green section marked as cohesive in Figure 3-3 a) 

indicates. For the study of rather small-scale crack growth, it is sufficient to investigate only 

half the blank thickness regarding the cohesive behaviour and connect the left and right parts 

via a tie constraint on the upper model half to prevent through-cracking, thus achieving a 

more stable solution process. 

        (30) 

    (           )
 (31) 
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The element-based approach offers several methods to implement cohesive elements, 

some of which have been shortly mentioned in section 2.2.2.4. However, the method of 

choice for this work is the insertion of a cohesive seam consisting of COH2D4-elements 

alongside a partitioning line of a part. These elements are similar to the first element from 

Figure 2-23 in section 2.2.2.4 and can be placed with the edit mesh option in the mesh 

module of ABAQUS. It must be noted that depending on the version of ABAQUS this option 

may not be supported, though. 

Creating an initial crack is more easily done via surface interactions, as only a node set of 

the slave surface which is initially in contact with the master surface has to be specified. 

Figure 3-4 a) shows the slave contact node set (blue) in relation to the master surface 

(green). Excluding the layer from the initial contact node set is equivalent to a crack, but with 

the ability to still resist interpenetration even on the crack surface on the layer. Contrasting 

that, the element-based approach requires geometrically modelling the crack (opening of 

2 μm on the outside of the layer) and placing the cohesive seam on a parting line underneath 

the crack (see Figure 3-4 b)). Altering the crack length is therefore more difficult and time 

consuming. Additional contact problems regarding the initial crack surfaces as well as on 

deleted cohesive element surfaces under pressure are also introduced. 

In summary, the contact model consists of two parts connected with a cohesive interaction 

and tie constraint to prevent through-cracking as well as an ideally thin initial crack. Although 

the cohesive element model shares mesh and material properties with the contact model, it 

is originally only one part with a geometrically modelled crack and a cohesive seam on a 

parting line through the whole thickness, which would allow through cracking. 

 

Figure 3-4: Implementation of a crack using a) slave contact relative to the master surface in the 

surface interaction approach and b) a geometrically modelled crack with cohesive seam in the element 

based approach. 
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3.2.4 Material properties 

Generally, the elastic and plastic properties of 20MnB8 are the same as in the original 

simulation mentioned in section 3.1 and are provided by Tomasch et al. [69], but they cannot 

be addressed for confidentiality reasons. Temperature and strain rate dependencies are 

taken into account. However, heat capacity, thermal conductivity and all subroutines related 

to martensitic phase transformation are disregarded. 

Concerning the intermetallic zinc-layer, no temperature dependence of the relevant 

material properties has been found. The Young‟s modulus at room temperature is taken from 

He et al. [23] (see Table 2 in 2.1.3.2) for all zinc modifications. In order to maintain the 

stiffness relation between steel and layer, each phase Young‟s modulus degrades with 

temperature at the same percentage amount as the one from 20MnB8. For the Poisson‟s 

ratio, no data at all is found and a constant value of 0,3 is assumed for all temperatures and 

modifications. 

Also the plastic behaviour at room temperature in form of flow curves for all zinc-

modifications is recreated in Figure 3-5 according to He et al. [23], as it is seen before in 

Figure 2-8 from section 2.1.3.2. 

 

Figure 3-5: Recreation of intermetallic Zn-phase plastic properties at room temperature according to 

He et al. [23]. 
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For the same reasons as for the elastic properties, also the plastic behaviour of the zinc-

layer is made temperature-dependent. As mentioned in 3.2.1, the layer is assumed to consist 

only of Γ-phase at the temperatures present during deformation. Therefore Figure 3-6 

visualizes only the flow curve temperature dependence of Γ, but also the other modifications 

behave in a similar manner. For the plasticity onset at 0 true strain, the onset stresses 

Γonset(T) are related to the room temperature value Γonset(20 °C) by the same percentage as 

the stresses for 20MnB8, indicated by equation (32). 

Further development of the stresses Γ(θ, T) with increasing true strain θ is governed by 

equation (33) and follows the identical ratio of the stress values 20MnB8(θ, T) over their 

corresponding onset stress 20MnB8onset(T). 

Although this extrapolation lacks reasoning, especially considering phase stability not only 

for Γ, but even more for the other modifications, it is believed to be useful to obtain a stable 

solution process. Equation (33) furthermore ensures a monotonic increase in true stress with 

growing true strain. 

 

Figure 3-6: Temperature dependence of gamma-phase flow curve. The graph at 20 °C is according 

to He et al. [23]. 
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3.2.5 Traction-separation laws 

Presumably the most crucial and also the most delicate part of the crack growth simulation 

is the traction-separation law for the cohesive behaviour. Not only should it resemble the real 

material performance, yet it is also critical for numerical stability. Since the zinc-layer is 

presumably already cracked, only the bulk material parameters are considered for the TSL. 

However, as little to no experimental data is available, the construction of the TSL is mostly 

based on different literature. 

As already mentioned in section 2.2.2.4, firstly the linear elastic parameters need to be 

specified. As suggested by Turon et al. [45], a penalty stiffness Knn that is ten times larger 

than the bulk material stiffness at the corresponding temperature is chosen. Similarly, the 

stiffness coefficients Kss and Ktt are related to the shear modulus G x10, which is calculated 

according to equation (34) [31] using the Young‟s modulus E and Poisson‟s ratio ν from the 

20MnB8 bulk material. 

Although a number of traction-separation laws are used throughout different iterations of 

the simulation process, all share this common elastic behaviour. Trials with the original 

material stiffness have been quickly abandoned as a disproportional large part of the 

cohesive energy would be elastic. 

A lot of different parameter sets for the traction-separation law have been developed and 

continuously adjusted throughout this study, leading to the following and for now final forms. 

In use for both the simulation of the three point bending test as well as the press hardening 

process is a trapezoidal TSL, which should be best suited to describe fracture in a plastic 

material, as discussed in section 2.2.2.4. 

The onset of fracture is always governed by the quadratic stress (QUADS) criteria for 

cohesive elements and the quadratic traction criteria for cohesive contact, respectively. 

According to the von-Mises hypothesis, the maximum traction T0 for the first and second 

shear direction is the one for normal direction divided by the square root of three. Different 

sources use values in the range of the yield stress ζy up to 3,7 times ζy [71] or 4 times ζy [53] 

for the maximum traction. As magnitudes from 1000 MPa [56] over 1100 MPa [72] to 

1200 MPa [67] are used in the referred literature, a value of roughly 1100 MPa 

corresponding to the onset of plasticity in the material data provided by Tomasch et al. [69] is 

chosen as maximum traction for 20 °C. Using this reasoning to determine T0 at higher 

                   (34) 
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temperatures would lead to extremely low maximum tractions. Therefore the high-

temperature values are arbitrarily set to better match the press-hardening simulation with 

experimental values provided by Tomasch et al. [69]. Figure 3-7 shows the temperature 

dependent TSL with the aforementioned parameters for stiffness and maximum traction. 

 

Figure 3-7: Trapezoidal traction-separation law with temperature dependent parameters. 

For the implementation of a trapezoidal TSL in ABAQUS the damage variable D has to be 

directly specified as a function of the displacement measured from the point of fracture onset 

δ0. At first, the displacement at fracture δf is calculated out of the three independent 

parameters stiffness Knn, maximum traction T0, and cohesive energy Γ0. The range from δ0 to 

δf is then discretized into 3000 data points according to Heidari-Rarani and Ghasemi [52], 

who suggested to use at least 2000 points in order to minimize interpolation errors. The 

evolution of the damage variable D is then governed by equation (29) from section 2.2.2.4, 

but the variable δf1 marking the beginning of the decline of traction is set to 0,75∙δf according 

to Scheider [40]. Therefore the last independent parameter is the cohesive energy Γ0, which 

is equal to the area under the whole TSL and should not be confused with the fracture 

energy Gc describing only the area from damage initiation δ0 on. For 20 °C reported values 

are mostly in the range of 5 N/mm [64] to 25 N/mm [56] for different steel grades, hence a 

cohesive energy of 15 N/mm is chosen according to Pandolfi, Guduru et al. [66] to give a 

reasonable maximum separation for room temperature. In analogy to stiffness and maximum 
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traction, also the cohesive energy is reduced at higher temperatures. It decreases linearly 

with the maximum traction, but therefore also exhibits the same jumps which are arbitrarily 

set for T0. 

For the sake of comparison, also a triangular traction-separation law is developed. This 

bilinear TSL, displayed in Figure 3-8, exhibits the same parameters Knn(T), T0(T) and Γ0(T) as 

the trapezoidal one. Although also a tabular implementation in ABAQUS is possible, the 

damage evolution of the bilinear TSL is specified by writing the calculated fracture 

separations δf(T) into the displacement-based linear softening option for cohesive behaviour. 

 

Figure 3-8: Triangular traction-separation law with the same temperature dependent parameters as 

the trapezoidal TSL. 
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more closely related to the preliminary work from Tomasch et al. [69], but rather uses 

analytical rigid tools than deformable ones, as no heat transfer is to be calculated during this 

simulation. Additionally, the contact on the outside part of the upper and lower surface is 

assumed frictionless for better initial contact, whereas the majority of the middle surfaces are 

regarded with a friction coefficient of 0,25. All the normal contact behaviour is modelled as 

hard contact. Figure 3-9 shows the analytical rigid tools together with the position x of the 

crack within the submodel. If the value of x is varied, different positions of the blank can be 

studied regarding their cracking behaviour. Although the similarity to the original model from 

Tomasch et al. [69] (Figure 3-1 in section 3.1) is evident, the use of analytical rigids together 

with connector elements can impose some additional constraints and overconstraining has to 

be carefully avoided. 

 

Figure 3-9: Simulation of the press-hardening process by means of analytical rigid tools and 

submodel technique. The distance x marks the position of the crack, located in the middle of the 

submodel. Variations of x address different positions of the original blank. 

To drive the submodels, the forming step in the coupled temperature-displacement model 

from Tomasch et al. [69] is re-calculated for two different initial blank temperatures, 510 °C 

and 660 C. For both submodels, the left and right surface areas in Figure 3-10 b) are driven 

by displacement-based submodel boundary conditions (BCs). These BCs impose the 

degrees of freedom (dof) 1, 2 and 6, corresponding to displacement in x- and y- direction and 
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rotation around the z-axis, from the global model onto the submodel. In contrast to that, the 

top and bottom surfaces of the submodel are either constraint by a force-based submodel 

BC for the model without tools or by contact interactions with the tools for the other modelling 

approach. Both models use contact based cohesive behaviour with a tie constraint on the 

lower half, very much like the three point bending test model. To avoid buckling of the crack 

faces in the model without tools, the SLIDER multipoint constraint (MPC) is used to force the 

nodes marked in Figure 3-10 to lie on the same line throughout the whole forming process. 

 

Figure 3-10: Magnification of the crack area a) showing the through cracked layer and region of 

SLIDER MPC in the whole submodel b) with regions of cohesive interaction and tie constraint. The left 

and right boundary of the submodel in b) exhibit a displacement-based submodel boundary condition, 

whereas the top and bottom surfaces are constraint by either force-based submodel BC or interactions 

with the tools for the respective models. 

All other parameters, such as meshing, material models and traction-separation laws are 

analogous to those defined in the three point bending test model. However, the temperature 

distribution in the submodel is governed by interpolating the results from the coupled 

temperature-displacement simulation of the original model onto the submodel. This is done 

via the PREDEFINED FIELDS option in the load module of ABAQUS. Thereby the keyword 

DRIVING ELSETS together with the global model element set and the submodel node set 

assures that only temperatures from the global model and none from the neighbouring tools 

are taken into account.  
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4 Results and discussion 

With all the models and parameters described in the previous chapter, this section aims to 

summarize, analyse and discuss the results obtained from the simulations. Starting with a 

comparison of the different simulation approaches with the aid of the three point bending test 

simulation, an assessment on the most viable simulation method is made. This general crack 

growth description is then used in two different variations for the crack growth simulation 

during actual press-hardening, also addressing multiple positions with the most stable 

variation. 

4.1 Analysis of the three point bending test simulation 

In order to obtain the best approach for further crack growth simulations, firstly the three 

point bending test simulation is evaluated regarding the form of the TSL and implementation 

of the cohesive law into the model. Figure 4-1 compares the fully deformed and the 

undeformed state of the three point bending test model at 510 °C, displaying the von-Mises 

stress plot in GPa. At the end, the punch exhibits a displacement of 15 mm in negative y-

direction within a time of 800 ms. 

 

Figure 4-1: Comparison of undeformed and deformed state of the 510 °C three point bending test, 

showing the von-Mises stress in GPa. 



Master Thesis  51  

4.1.1 510 °C three point bending test 

For 510 °C, all the simulations are fully converged and both cohesive contact 

implementations give exactly the same results, as it can be seen in Figure 4-2 and Figure 

4-3. As clarification, the denomination is done by providing the type of implementation 

followed by the form of the traction-separation law. In this case, “contact” describes the 

implementation as cohesive contact interaction whereas “seam” indicates a seam of 

cohesive elements. Figure 4-2 displays the von-Mises stress around the crack in GPa. Both 

cohesive contact traction-separation laws are shown in a), as they are exactly the same, 

whereas b) illustrates the cohesive seam approach. 

It can be seen through comparison of Figure 4-2 a) and b) that all the different techniques 

yield the same results for 510 °. Still two things are apparent in this figure. Firstly, for the 

cohesive element seam in Figure 4-2 b) the damaged, but not yet deleted elements are 

visible. Although the cohesive contact approach technically exhibits the same damage, no 

elements are displayed but rather an indication about the damage state on the slave surface 

can be requested, making it a little bit trickier to determine the crack tip. Secondly, regardless 

of the used technique, the initial crack surfaces exhibit some form of bulging, which most 

likely is not a good representation of reality. 

 

Figure 4-2: Crack area of the 510 °C three point bending test a) for both the triangular and 

trapezoidal TSL cohesive contact and b) for trapezoidal TSL cohesive elements. In both pictures the 

von-Mises stress is plotted in GPa. 
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Additionally to the stress plot in Figure 4-2, the force-displacement curve of the punch 

reference point is evaluated for all techniques. As the displacement is really in the negative 

y-direction, all the values are made positive for the construction of the graphs in Figure 4-3. 

Although the same results are obtained for the stress plot, the entire stress-displacement 

relation for 510 °C in Figure 4-3 a) reveals a slightly higher elastic stiffness for the element 

based approach. Zooming into the peak of the plot in Figure 4-3 b) also shows a smoother 

behaviour of the cohesive contact modelling compared to the seam of cohesive elements, 

which exhibits some form of stepping. 

The difference in stiffness might be a result of thickness effects in the element based 

approach, which are not regarded for surface contacts. However, this stiffness difference 

seems only very minor and is believed to affect neither the solution nor the computing 

process in a significant manner. Contrasting that, the stepping behaviour in the force-

displacement relation of the element based model compared to smoother progression for 

surface contact might be a first hint for poorer convergence behaviour. This assumption is 

also backed up by a slight increase of computing increments from 436 to 450 for both contact 

models compared to the element model, respectively. 

 

Figure 4-3: Force-displacement relation for different TSL forms and implementations of the cohesive 

law in the 510 °C three point bending test. The whole curve indicating a stiffness difference is shown 

in a), whereas b) gives a close-up view on the top of the curve, thus better displaying the stepping of 

the curve for the cohesive element seam. 
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4.1.2 660 °C three point bending test 

Unlike the simulation at 510 °C, the three point bending test results at 660 °C are not fully 

converged and job abortions at various times and for different reasons occur. Therefore not 

only the crack area, but also the overall deformation at the bending zone is displayed in the 

following figures. Starting with the triangular TSL for cohesive contact, Figure 4-4 a) gives an 

image of the testing model at the point of job abortion at 211 ms. A magnification of the crack 

shown in Figure 4-4 b) reveals that the first node of the initial crack tip is not detached 

properly from the slave surface despite being damaged and therefore forms a spike. This 

problem occurs on multiple occasions when simulating with cohesive contact exhibiting an 

initial crack. Either this spike formation leading to unnaturally deformed elements or rapid 

cracking might be the reason for the premature job abortion. For this technique, the crack 

penetrates the base material only a few microns deep before the calculation is abandoned 

after 121 increments. 

 

Figure 4-4: Three point bending model using the triangular TSL and cohesive contact at 660 °C. For 

the point of job abortion at 211 ms, a stress plot in GPa of a) the bending zone and b) a close-up 

image of the crack are displayed. 
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Considering the three point bending test at 660 °C, the cohesive contact formulation with 

trapezoidal traction-separation law appears to be the most stable one. Abortion of the 

calculation occurs after 2948 increments at 788 ms. However, the reason for this is that the 

crack runs into the upper model half early in the simulation and, since this half exhibits a tie 

constraint, excessively deforms the elements at the crack tip until the simulation is 

abandoned. For the sake of comparability, Figure 4-5 a) displays the cohesive contact model 

with trapezoidal TSL at roughly the same time (209 ms) at which job abortion takes place 

with triangular TSL (see Figure 4-4). A zoom on the crack area in Figure 4-5 b) also makes 

clear that the crack already reached the tied upper model half at this time. 

 

Figure 4-5: Three point bending test at 660 °C using the cohesive contact formulation with 

trapezoidal TSL. A von-Mises stress plot in GPa at 209 ms is shown in a) the bending zone and b) a 

magnification image of the crack area. 

The model using a seam of cohesive elements with trapezoidal traction-separation law is 

displayed in Figure 4-6. At 660 °C, it exhibits job abortion after 172 ms, most likely due to 

rapid crack growth and subsequent rupture of the testing model. In the magnification of the 

crack area in Figure 4-6 b) it can be observed that the crack growth reaches already half into 

the model. Since the cohesive element seam runs through the entire model, through cracking 

is not prohibited. Therefore, the time increment at this stage becomes very small and 
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ABAQUS cannot handle the rapid crack growth anymore, which would be induced by further 

deformation. 

 

Figure 4-6: Cohesive element seam three point bending test model at 660 °C using a trapezoidal 

TSL. The plots show the stresses in GPa of a) the bending area and b) the crack area at a time of 

172 ms, when the simulation is aborted. 

Similar to the simulation at 510 °C, the force-displacement plot of the punch reference 

point is assessed for the different simulation approaches. Figure 4-7 reveals the same minor 

difference in stiffness between the surface-based and the element-based techniques. Also 

the stepping of the cohesive seam model is again observed in the ascending part of the 

curve. Contrary to the trapezoidal traction-separation laws, the triangular TSL with cohesive 

contact is aborted before any decline in force. As mentioned previously, this could be the 

case because of the excessive element distortion during spike formation. Additionally, the 

plot of the triangular TSL differs significantly from the trapezoidal ones in peak force and 

peak displacement. Although both trapezoidal cohesive laws predict virtually the same 

fracture behaviour, the contact formulation seems to lose stiffness at a slightly slower rate 

than the element based approach. The trapezoidal cohesive contact formulation would 

probably mirror the element-based model further, had the crack not run into the tied upper 

half of the model. This point, where further crack growth is prohibited by the tie constraint, is 
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marked in Figure 4-7, alongside with the point of rapid crack growth. The end of the plotted 

curves marks the respective abortion of the simulations. 

 

Figure 4-7: Force-displacement relation for different TSL forms and implementations of the cohesive 

law in the 660 °C three point bending test. The point of rapid crack growth and also the one where the 

crack for Contact Trapezoidal runs into the tie constraint are clearly visibly. 

4.1.3 Summary of the three point bending test simulation 

To sum up the investigations made in this chapter, the test at 510 °C showed full 

convergence for all approaches at little to no crack growth. Whereas triangular and 

trapezoidal shaped cohesive laws for the contact formulation yielded exactly the same 

results in this setup, the inserted element seam with trapezoidal TSL already showed a 

slightly higher stiffness. This increase in stiffness, most likely due to thickness effects, is 

again repeated in the 660 °C simulation, together with the less smooth stepping behaviour of 

the element-based simulation. While both test temperatures revealed some kind of bulging of 

the initial crack surfaces, the simulation at the higher temperature also showed that triangular 

and trapezoidal cohesive laws do exhibit a difference as soon as it comes to faster crack 

growth, whereas the form of implementation, i.e. either cohesive seam or cohesive contact, 

only has a minor influence on this behaviour. Finally, the problem of spike formation is also 

encountered during the 660 °C simulation with triangular TSL and cohesive contact. It is 

therefore concluded for all the aforementioned reasons that a cohesive contact formulation 

with trapezoidal TSL is best suited for further calculations, as it seems to be the most stable 

option. 
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4.2 Press-hardening crack growth simulation 

Already outlined in section 3.3, the submodel technique is utilized for the simulation of 

crack growth during press-hardening. Before comparing different model positions, it is first 

determined whether a combined displacement- and force-based submodel approach or an 

approach partly taking into account the contact with the forming tools is more beneficial. In 

an attempt to counteract the bulging observed in the three point bending test simulation, the 

SLIDER multipoint constraint is implemented in the model without tools in order to maintain a 

flat surface. However, this constraint is not added in the model with tool contact where the 

contact with the tools is expected to avoid that problem. 

Before addressing the results obtained from the used models, it should be mentioned that 

for the sake of convergence studies a much smaller submodel and deformable tools were 

tested. As the submodel was so small in width that the cohesive zone was too close to the 

boundary and therefore had poor stability and cross influence effects, i.e. the boundary 

condition interfering with the cracking area and vice versa, thus had to be abandoned. Also 

artificial edges on the curved parts of the tools imposed through the meshing caused the 

mesh points of the tools to hook into one side of the initial crack and therefore lead to 

unphysical behaviour and instability of the calculation. Both the described problems are 

highlighted in Figure 4-8. 

 

Figure 4-8: Von-Mises stress plot in GPa showing the boundary influence of a too small model and 

the “hooking” of the deformable tools mesh with the free crack surface. 
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4.2.1 Submodel boundary condition vs. tool interaction 

As a first attempt to overcome the bulging as well as the hooking observed in other 

models, the submodel with cohesive contact interaction placed at x=102,5 mm is simulated. 

However, this modelling approach causes abortion of the calculation at 656 ms, most likely 

due to excessive crack growth, and does not hinder bulging as hoped for. The position of the 

submodel at the point of job abortion can be seen in Figure 4-9 a), whereas the magnification 

of the crack in b) clearly shows the aforementioned bulging problem. 

 

Figure 4-9: Cohesive contact submodel at x=102,5 mm during the press-hardening process with 

tool contact. The plot shows the von-Mises stress in GPa of a) the whole submodel with tools and b) 

the crack area at the point of job abortion at 656 ms. 

Contrary to the submodel with tool contact, the one with the force-based submodel 

boundary condition on the top and bottom surface and SLIDER MPC fully converges. Placed 

at the same x=102,5 mm as the model with tools, the end position at 805 ms is displayed in 

Figure 4-10 a). The magnification of the crack in Figure 4-10 b) shows that the surface 

around the crack remains straight due to the SLIDER MPC. However, this imposes a 

deformation on the boundary between the zinc layer and the steel substrate, which is also 

the transition region from the initial crack to the growing crack. Nevertheless, the crack 

growth seems to be stabilized by this and the crack only extends about 8 μm into the steel, 

as opposed to the roughly 600 μm for the tool contact model. 
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Figure 4-10: Press-hardening submodel at x=102,5 mm without tool contact. The model exhibiting 

cohesive contact is shown in the final position at 805 ms. Both a) the whole submodel and b) the crack 

area show the von-Mises stress plot in GPa. 

As for 510 °C, the calculation for 660 °C modelled with tool contact interaction is aborted at 

roughly the same time, i.e. 651 ms, although showing significantly less crack extension of 

about 22 μm into the steel substrate. Magnifying the stress plot of the whole model displayed 

in Figure 4-11 a) onto the crack in b) reveals a stress concentration just outside the bulging 

zone around the crack, which is also slightly visible for 510 °C in Figure 4-9 b). Either this 

concentration of stress or potential rapid crack growth is assumed to be responsible for job 

abortion. 

 

Figure 4-11: The press-hardening process with tool interaction for a submodel at x=102,5 mm with 

cohesive contact. The von-Mises stress in GPa of a) the whole submodel with tools and b) the 

magnification of the crack area is plotted for the point of job abortion at 651 ms. 
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As opposed to the same modelling approach at 510 °C with this SLIDER MPC, the 

calculation for 660 °C has not completed, but abandoned at 611 ms most likely due to 

excessive stress concentration. Said effect can be clearly related to the SLIDER MPC, as 

shown in Figure 4-12 b). Both the whole model display and the close-up view on the potential 

crack area in Figure 4-12 a) and b) do not indicate any crack growth at all. Therefore the 

assumption about the concentration and unsteady transition of stress at both MPC ends 

being responsible for the unstable calculation seems valid. 

 

Figure 4-12: Submodel with force-based submodel boundary condition on the upper and lower 

surface for press-hardening simulation. From initial position x=102,5 mm a) the potential cracking area 

and b) the full submodel are displayed. The von-Mises stress plot in GPa is taken at 611 ms, the point 

in time when calculation is abandoned. 

In Figure 4-13 below the damage variable CSDMG from the slave surface is visualized as 

a function of the true distance alongside the predetermined crack path. As the first node 

being damaged is about one micron below the initial crack with length 10 μm, CSDMG may 

only change in value from this point on. A value of zero indicates either undamaged cohesive 

behaviour or the initial crack, whereas unity denotes full damage. The crack lengths are 

measured from the coating interface at 10 μm into the substrate and end where CSDMG is 

less than unity. Besides the two well identifiable values, Figure 4-13 also shows that no 

damage at all occurs for the model without tools at 660 °C. Other than that, the crack length 
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for the tool contact model at 510 °C exceeds the scale of the plot, but was determined as 

approximately 600 μm in a similar manner on a larger scale figure. 

 

Figure 4-13: Slave surface damage variable CSDMG for tool interaction and submodel boundary 

condition approach at different temperatures. Damage is plotted against the true distance from the 

submodel top surface alongside the predefined crack path. 

In conclusion, the model with tool contact interactions might be more desirable, because it 

can capture frictional contact between the model and the tools. However, the bulging around 

the crack cannot be avoided as expected with this model and it abandons calculation at 

roughly the same point regardless of the temperature. Furthermore the crack length of 

600 μm obtained at 510 °C does not seem to be very realistic. Although a lot of the 

calculation instabilities may stem from non-calibrated material data, especially for the 

traction-separation law, the submodel approach substituting the tool contact interactions with 

a force-based submodel boundary condition and SLIDER MPC is regarded as more stable in 

this calculation. On the one hand, it did fail earlier for 660 °C, but on the other, it was able to 

fully calculate the 510 °C simulation with a somewhat reasonable crack length. Also stress 

concentrations, which may lead to premature abortion of calculation, arise in both modelling 

approaches. In this regard no model approach has a clear advantage over the other. 
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4.2.2 Comparison of crack positions for 510 °C 

After investigation of different modelling techniques, multiple positions are evaluated 

regarding their cracking behaviour. The cohesive contact submodel with trapezoidal TSL and 

no tool interaction is placed on three different positions according to the work of Tomasch et 

al. [69]. For these positions, simulations are carried out at 510 °C, as the calculation seems 

to be more stable for this temperature. Figure 4-14 a) displays the final crack positions on the 

blank, corresponding to different x-values as indicated in Figure 3-9 from section 3.3. Crack 

lengths for different positions are measured from the damage variable plot in Figure 4-14 b). 

 

Figure 4-14: For the simulation without tool contact at 510 °C a) the matching end positions of the 

crack for different x-values in the original framework and b) the corresponding damage variable plot 

alongside the crack path are displayed. 

Taken from Figure 4-14 b), the measured crack lengths are indicated in Figure 4-15. Both 

simulations at x=102,5 mm and 115 mm are displayed for the end point of 805 ms, whereas 

the calculation for x=73 mm aborted prematurely at 708 ms. The reason for that could be the 

onset of rapid crack growth at this time of the simulation due to bending. Figure 4-15 b) also 

indicates the start of damage development at this time. Nonetheless, the other two positions 

can successfully be compared at their final state, indicating that the outer side of the blank is 

more prone to cracking at x=115 mm than at x=102,5 mm.  

In summary, some approaches to study crack growth during press-hardening have been 

developed. The finally proposed simulation technique could easily be applied to study 

multiple areas and temperatures regarding their cracking behaviour. The submodel could 

also be transferred to whatever tool geometry is desired, as long as the blank thickness 

remains constant. 
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Figure 4-15: Magnifications of the crack region for different x-values. The von-Mises plot in GPa for 

position a) is shown at the state of job abortion at 708 ms, whereas b) and c) both display the crack at 

the final time of 805 ms. 
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5 Conclusion 

In this thesis, the importance of direct press-hardening of coated steel for the automotive 

industry and the resulting danger of liquid metal embrittlement and crack growth is shortly 

addressed as introduction to this topic. A first thorough study on different ways to describe 

cracks in ABAQUS is carried out and the cohesive model is chosen to study crack growth in 

highly ductile material. By taking multiple modelling approaches in a three point bending test 

simulation, the cohesive contact formulation together with a trapezoidal traction-separation 

law for ductile material proved to be the most stable simulation technique. The three point 

bending test model not only serves the purpose of assessing different cohesive modelling 

techniques, but should also provide a possibility to calibrate the needed data with the aid of 

real material tests. 

Investigation of the three point bending test simulations revealed a stepping behaviour in 

the force-displacement relation for cohesive elements. The same relation also indicates the 

clearly different behaviour of triangular and trapezoidal traction-separation laws. Additionally, 

the three point bending test serves to reveal possible difficulties that may arise during crack 

growth calculations, like bulging or spike formation. 

Further development aims to investigate the cracking behaviour of different position on an 

already established press-hardening simulation model, created by Tomasch et al. [69; 70]. 

Thereby it is found that although deformable tools are necessary in the coupled-temperature 

simulation of the global model, rigid tools perform better in the crack simulation with the 

submodel, as no artificial “hooking” of mesh points takes place. The submodel also should be 

large enough in order to prevent interference effects from the cracking area on the boundary 

condition and vice versa. Ultimately, a force-based submodel boundary condition and 

SLIDER multipoint constraint replacing the tool contact interaction yield the best results 

regarding convergence behaviour and crack extension. 

As best practice to study crack growth in larger-scale models it could be stated that a 

coupled temperature-displacement simulation of the original model is to be carried out first, 

which later drives the boundary condition as well as the temperature distribution of the crack-

containing submodel. This submodel can later on be placed to investigate different regions of 

the original model regarding crack growth. 

Establishing a reasonable traction-separation law without any physical tests for calibration, 

but solely relying on literature values, proved to be the most challenging part of this thesis. 

However, as mentioned before, the three point bending test model should provide also a 
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reasonable opportunity to calibrate material data, as done by Sung et al. [59] and Vanapalli 

et al. [62]. Once the traction-separation law is thoroughly calibrated, the developed model 

can further be extended with diffusion models (Sedlak et al. [55]) or phase transformation 

behaviour (Issa et al. [56]). 
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