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1 Introduction

Machining of iron based workpiece materials is a widely used production method in several
industries like automotive industry, mechanical engineering and energy generation.
Therefore, milling is a frequently applied method for material removement. The milling
application is identified by rotating the tool and moving it relative to a fixed workpiece
material, which leads to non-constant cutting conditions. Due to this intermittent cutting,
alternating mechanical and thermal loads are acting on the tool during cutting and idle
period [1]. To meet the increasing demands in metal cutting, most of the tools are made of
hardmetal based on a hard phase mainly consisting of WC and a soft binder phase, most
frequently Co. The whole tool can consist completely of hardmetal (solid carbide drills,
endmills, reamers) or smaller inserts can be fixed on a steel holder. This depends on the
application and the price of the hardmetal [1]. Most of the hardmetal tools are coated with a
hard coating to enhance the service life in metal cutting. These hard coatings are produced
either by physical vapour deposition (PVD) or by chemical vapour deposition (CVD) [2].

State of the art in milling application for steels are inserts consisting of hardmetal grades
with varied Co content from 6 to 13 wt.% Co and coatings based on PVD Ti-Al-N or Cr-Al-N,
as well as CVD TiCN-AI203. Additional post treatments of the coating, e.g. dry blasting
process, showed an enhanced performance in cutting application [3].

For further improvements of hardmetal substrates and hard coatings, it is necessary to
expand the knowledge of damage evolution during the milling application.

In milling the damage is identified by abrasive wear marks [1],[4] and thermal fatigue in form
of characteristic cracks [5], which were often referred to combcracks in literature.

An introduction of tensile residual stresses parallel to the cutting edge due to cyclic thermal
and mechanical loads foster the nucleation and growth of [5]. Either cyclic thermo-shock due
to the alternating temperature loads between heating upon cutting and cooling upon idle
period [5],[6], or localized plastic deformation, induced by mechanical loading and the
increased temperature during cutting, introduce these residual stresses [7].

In open literature the location of these residual stresses in the milling inserts and their
evolution in the hardmetal substrate as well as in the coating within the cutting process are
not well documented.

Thus, the aim of this thesis is to enhance the understanding of the main damage
mechanisms wear and thermal fatigue, and the evolution of residual stresses in coated
milling inserts over the complete lifetime.

Therefore the location, magnitude and evolution of residual stresses and the corresponding

damage state in the substrate as well as in the coating were determined till the end of



service life. Special emphasis was laid in investigations of combcracks, their location, and
their appearance shown in cross sections as well as their enlargement in the volume of an
insert. Additionally, a dry blasting process and the influence of the blasting time on residual
stress evolution in the hardmetal at early stages in milling application were investigated.

The cutting temperature has a crucial influence on the flow behavior and wear resistance of
the coating and the hardmetal substrate and consequently on the lifetime of an insert.
Therefore the apparent temperatures were determined on the insert’s surface outside of
the contact zone between insert and workpiece.

The finite element (FE) simulation is a further important tool to estimate the cutting
temperatures and cutting forces during application [8]. To provide reliable material models,
it is necessary to determine thermo-physical and thermo-mechanical data of the substrate
material as well as that of the coating. Within this work these material data of the used
hardmetal grade were determined at elevated temperatures.

The calculated cutting temperatures and stresses were validated with the results of the
residual stress and temperature measurements, which were apparent during the milling
experiment and showed good agreement.

The generated methods and materials data are a powerful tool to enhance the
understanding of the wear behaviour and thus to increase the lifetime of tools in milling

operation.



2 Theoretical background

In the following sections the reader is introduced to the production of a coated hardmetal
milling insert. Special emphasis is put on the coating synthesis and their structure properties.
An overview of milling applications, their apparent cutting forces and temperatures, which
act on a milling insert during application, is also shown in this chapter. A particular part of
this thesis is devoted to the apparent main damage mechanisms wear and thermal fatigue
during the milling application and the creation of combcracks which determine the insert’s

lifetime.

2.1 Production of hardmetals

Most of the milling inserts used in metal cutting applications are based on hardmetal.
Hardmetal is produced via powder metallurgy route. Hardmetal consists of a hard phase,
which is mainly tungsten carbide (WC) and a soft binder phase, which is most commonly
cobalt. Some amount of other carbides, e.g. titanium, tantalum, niobium, zirconium and
vanadium carbides can be added [9]. Fig. 1 shows the manufacturing process of a coated
hardmetal cutting insert from weighing the raw materials for producing granulate, pressing it

into shape, sintering and coating the inserts.
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Fig. 1: Schematic production line of a coated hardmetal based milling insert [9]

Distribution

After weighing the raw material powders, all ingredients are mixed and ground in an attritor,
see step two in Fig. 1. The attritor may be filled up with raw material powder, WC balls and
with benzoin or alcohol or acetone [9],[10], but within this work the powder was mixed with
water [11]. After the grinding step a plastifying agent, paraffin wax, is added to the
water-powder emulsion. This waxing step is important for the latter direct pressing step [9].
To produce a hardmetal granulate, the dissolver has to be removed from the emulsion by a
spay-drying process (c.f. Fig. 1).

The dried granulate should exhibit narrow size distribution which results in good free-flow
properties, necessary for the pressing process. To achieve suitable size distribution the dried
agglomerate hardmetal powder has to be sieved.

The hardmetal granulate is commonly uniaxially pressed to form the green body of cutting
inserts, because of its high productivity [12]. The pressure between the top and the bottom

punch can reach a value between 100 and 300 MPa [9], which corresponds to a green

4



density from 20 to 60 % of the theoretical density [12]. The right compaction pressure and
consequently the green density are important for reaching a good sintering result. On the
one hand, a too low pressing pressure results in pores at the finished sintered milling insert.
On the other hand, a too high pressing pressure has a negative influence on the green tool
itself, which may result in cracks and swelling in the green parts [12].

To reach a theoretical density of 100 % of the finished inserts, the green parts have to be
sintered. During heating up to the sintering temperature, there is a previous dewaxing step
at temperatures between 300 and 600 °C. Here, the heating velocity is reduced [9]. In this
temperature range the paraffin wax is removed in form of CO or CO, as long as the pores of
the green parts are open. Sintering without the dewaxing step results in pores filled with gas
in the finished part [9]. During sintering under vacuum at temperatures above 1300 °C the
Co phase is liquid, and parts of the WC grains skeleton are dissolved. At the sinter
temperature approximately 15 % of the specimen volume is in the liquid phase. This liquid
Co phase wets the WC grains and closes all pores. During cooling the WC grains are resolved
again [9]. The finished sintered milling insert exhibits 50 % less volume compared with the
green part.

After sintering process the inserts have to be grinded and edge honed. Most of the cutting
inserts are coated. These hard coatings can be produced either by chemical (CVD) or physical

vapor deposition (PVD) [2].

2.2 PVD Ti-Al-N based coating systems and cathodic arc

evaporation

Milling inserts coated with a hard coating show an enhanced service life during the
application due to improvements in hardness, wear resistance and thermal resistance. For
more than 35 years TiN was one of the most widely used hard coatings on the hardmetal
substrates. TiN is characterized by a high hardness of 2300 HV 0.05 and good toughness [9],
but there is limitation in oxidation resistance at temperatures above 500 °C [2]. To improve
the oxidation resistance TiN can be alloyed with Al. The metastable ternary system Ti-Al-N
shows a high oxidation resistance, a low thermal conductivity and a high hardness [13], and
was introduced in 1998 as tool coating. The increase of hardness can be explained by the

increasing lattice distortion with increasing Al content in the TiN lattice [14],[15] (see Fig. 2).
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system [15].

Depending on the Al content, Ti-Al-N coatings can crystallize in different crystallographic
structures. For lower Al content they consist of a single-phase face centered cubic (fcc) solid
solution. The area of existence of the fcc Ti,Ali«N varies in the literature form 55 mol% to
67 mol% AIN [13]. The Al atom is smaller than the Ti atom resulting in a decrease of the
lattice parameter in the fcc lattice, see Fig. 2. The coating can also crystallize in the dual
phase of the fcc and hexagonal closed-packed modification (hcp). A higher Al content fosters
the hcp modification, which shows inferior mechanical properties than the fcc modification
[14], e.g. decreasing hardness, see Fig. 2. Within this work used Ti-Al-Ta-N coating with
61 mol% AIN exhibits a pure fcc crystallographic structure, which was determined by X-ray
diffraction [16]. The addition of Tantalum in the Ti-Al-N structure also distorts the lattice cell
and reduces of the crystallite size resulting in a further increase of hardness [17].

In the cutting application temperatures up to 1000 °C can be apparent. Therefore a high
thermal stability is important. Ti-Al-N based coatings show a decomposition resulting in
hardness increase due to age hardening in a temperature range from 600 to 950 °[18]. Fig. 3
shows the four exothermic reactions in two Ti-Al-N coatings with different amount of Al

content, which were detected via differential scanning calometry (DSC) [18].
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The first reaction (DSC1, see in Fig. 3) starts from 500 to 800 °C and is a recovery process.
During the second reaction (DSC2) some Ti-Al-N domains are enriched with fcc AIN, which
increases the hardness due to the formed coherent strains. At ~900 °C the third reaction
(DSC3) starts and the coating now consists of three different phases. Within the fcc Ti-Al-N
matrix there are fcc AIN and fcc TiN apparent. The fourth reaction (DSC4) at ~1300 °C
completes the decomposition process, in which the fcc AIN phase is transformed into the
hcp structure [18].

Most of the industrial coatings for cutting inserts (e.g. Ti-Al-N coatings) are deposited by
cathodic arc evaporation (CAE) process. CAE is often used in industrial application because
the technique is fast and efficient compared with a sputter process [2]. The cathode is
vaporized under arcing conditions whereas the substrates, which can be cutting tools, as
well as the wall of the chamber, are the anode [2],[18]. The process runs with several
cathodes and the cutting tools are fixed on rotating rods. This rotation is needed for
homogenous deposition. A vacuum with pressure below 1-10” Pa (102107 mbar) is
necessary to reduce collisions of particles during transport between substrate and
targets [19]. Due to the roughness of the target surface and consequently the limited size of
surface asperities, field emission is fostered, which creates an arc. This arc is concentrated
on one point of the target, it has a diameter between 1 and 20 um and exists for 5 to
40 ns [2],[20]. The target material evaporates immediately and the ions are accelerated to

the substrate due to the applied negative bias voltage between target and substrate. The



localized removal of the cathode material creates a crater. The field electron emission
decreases and the arc does extinguish. At the edge of the crater a new surface peak is
created and a new arc starts. The process is repeated again [21],[22]. Molten particles with a
diameter of several um can also be created during the evaporation. These particles are also
partly transported with the particle stream towards the substrate and cause defects in the
coating. These defects are typical in CAE coatings and they are called droplets. These
droplets influence the coating properties negatively due to the increasing inhomogeneity of

the structure and composition, for instance the hardness is decreased [21],[22].

2.3 Milling

Milling is a cutting process which is identified by a rotating tool that cuts a fixed workpiece
material (see Fig. 4). Due to the intermittent cut, alternating mechanical and thermal loads
act on the tool during the milling process. A further characteristic of the milling application is
the production of chips with non-constant chip thicknesses [1],[23].

The milling process can be distinguished into plain-, face-, profile- and plunge milling
[23],[24]. Plunge milling is used for creation of notches and profile milling is chosen to form
threads. For preparing flat surface areas, plain and face milling are the preferred milling
arrangements. Plain milling is used for small areas. Face milling is the favorite milling
application to reach good surface quality on large areas.

Within this work, the face milling is in the main focus, which is schematically shown in Fig. 4.
Most of the face milling operations was done using milling inserts in a milling tool holder
[23]. Coated hardmetal based milling inserts are the preferred material to mill steel
materials [1],[25].



Fig. 4: Scheme of a face milling arrangement, in which the milling tool is fixed perpendicular to the

workpiece surface [23].

Face milling is identified by milling tool holder, which is perpendicular fixed to the surface,
which has to be cut, see Fig. 4. Within this face milling the inserts’ cutting edges have
contact along the front and the peripheral cutting edges [23].

The rotation direction of the milling tool determines milling in climb-cut or up-cut milling

arrangement, which is illustrated in Fig. 5.
a) b)

Feed direction =— Feed direction Compression distance

Fig. 5: Scheme of the a) climb-cut and b) up-cut milling [23].
In the climb-cut milling arrangement the rotation direction of the milling tool is the same as

the feed direction. Cutting under climb-cut mode is indicated by high chip thickness at the

beginning of a contact and decreasing chip thickness to zero to the end of the cut. This



milling arrangement induces many vibrations and consequently the milling inserts and the
milling holder have to be rigid [23]. In this case high contact pressures at the cutting edge
are apparent at the beginning of the cut till the chip formation takes place [24],[26]. In
contrast, the up-cut mode is indicated by a contrary rotation direction of the milling tool and
the feed direction. Here, the chip thickness is low at the beginning of the contact and it
increases with increasing duration of the cut [23],[24],[26]. In this case the milling inserts
have to slip a specific distance along the workpiece without a significant cutting, see Fig. 5b).
Depending on the slip distance, some amount of heat is induced into the insert due to
friction [23],[24],[26].

The face milling arrangement also gives the opportunity to mill in climb-cut as well as in
up-cut mode within one contact with the workpiece, referred to symmetric milling, shown in
Fig. 6.

Climb-cut f\/

~
S ANEA
‘///

Up-cut

Fig. 6: Symmetric cutting where milling in climb-cut as well as in the up-cut mode is apparent during
one cut [23].

For milling in this combined mode the ratio between radius of the milling tool and cutting
broadness (indicated as B in Fig. 6.) has to be higher than 50 %. Cutting under this combined
mode gives the opportunity to increase the efficiency of the milling process because the
apparent cutting forces are well-balanced over the whole cut [23].

For designing new cutting materials and new cutting geometries the knowledge of the
occurring cutting forces and temperatures (see details in chapt. 2.4) are important. In milling
experiments they are often determined by a force dynamometer in which inside 3-
component piezoelectric force sensors are mounted [27]-[29]. The force parallel to the feed

direction, normal to the feed direction and the normal force can be determined [29],[30]
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and increase with increasing feed rate, cutting depth and strength of the workpiece material.
The detected data can be used in FE simulations to calculate the apparent stresses, which
act at the cutting edge [31]. Bouzakis et al. calculated the resulting von Mises stresses in the
coating material at the cutting edge [32]. With increasing cutting edge radius the maximum

Mises stress decreases.

2.4 Cutting temperature in milling

The design of new cutting materials and new cutting geometries needs the knowledge of
apparent temperature on the insert’s surface within and outside of the chip contact
zone [33]. The FE simulation is a powerful tool to calculate strains, stresses and
temperatures. For validation the FE simulation requires temperature measurements in
cutting experiments. Therefore, real temperature measurements are the preferred choice
[34]. A short overview of apparent methods of temperature measurements and the general

hypothesis of cutting temperature in milling are given within this chapter.

2.4.1 Methods of cutting temperature determination

Using thermocouples for temperature measurements is a common method in metal cutting
[33]. The advantages of this method are the accurate time resolution, the wide range of
temperature detection and the price. The physical principle of the thermocouples is based
on the Seebeck effect, where a voltage is created due to the temperature difference
between the beginning and the end of a metal conductor [35]. In most of the cases these
thermocouples were positioned inside of the inserts or in the tool holder. To fix the element
very close to the contact zone, a hole has to be drilled and the thermocouples are positioned
inside [33]. Three facts influences negatively the correct temperature measurement in hard
metal based inserts in milling application:

(a) Due to the low thermal conductivity of hard coating the temperature gradient is very
steep and the region of apparent highest temperatures are small, in a range of um?, and
concentrated at the surface [33]. The smallest conventional thermocouples exhibit
diameters down to 0.22 mm [36]. Temperature measurements via thermocouples can only
determine a mean temperature underneath the contact zone [33].

(b) Lower temperatures can be detected as in reality due to thermal resistance of the
contact conditions between thermocouple and surface of the hardmetal. In milling
application the tool rotates and the thermocouples have to be fixed with glue, which exhibits
metal particles, e.g. Silver. The roughness of the drilled hole and the glue create a
temperature difference between the surface of the thermocouples and the surface of the

hardmetal within the hole [33].
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(c) Especially in climb-cut milling, the beginning of a cut is determined by high cutting forces.
The hole with the thermocouples has to be located closely to the cutting edge. This weakens
the cutting edge and increases the risk of catastrophic failure of the insert [33].

The temperature measurement via a thermal resistor is based on the knowledge of the
temperature dependent electric resistance of the materials [35]. The area of temperature
measurement is limited to 850 °C [36]. The handling of temperature resistor is similar as for
the thermocouples. Thermal resistors exhibit a diameter from 1.6 to 6.0 mm [36]. Due to the
comparable handling with the thermocouples, this system has the same disadvantages in
milling application as described before.

There are opportunities to measure contactless the temperature during cutting via thermo
camera or pyrometer. The temperature calculation of both methods is based on the Plank’s
law [37] and Wien’s displacement law [38]. The advantage of both methods is the wide
range of temperature measurement and no loss of temperature information due to the
wrong contact conditions, which thermocouples and —resistor might have.

Fig. 7 shows a test setup using a pyrometer in a turning operation. Using a pyrometer for

temperature measurement is characterized by recording frequency of 1000 Hz [39].

Chip

~_ Measurement point

NN

] Insert

] |~ Quarz fiber

X

Fig. 7: Schematic view of a test setup for temperature measurement during a turning process using a

quarz fiber pyrometer [39].

To measure the temperature in the contact zone, an insert prepared with a hole is necessary

[39]. Also here, the danger of catastrophic failure is high in climb-cut milling [33].
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All discussed measurement methods determine the temperature at one position. Position
resolved temperature measurements are hardly possible because it requires several drilled
holes within the insert [33].

The temperature measurement via thermo camera gives the opportunity to measure
temperature mappings outside of the contact zone on the surface of the insert during
application [33]. But, this advantage decreases the recording frequency. The highest
recording frequency is 250 Hz, which results in a loss of information during the cutting
especially in milling applications [33]. There, cut duration can be in the same time range.
Additionally in a milling test setup, the thermo camera has to be protected from flying chips,
which were produced after each contact with the workpiece. This protection is necessary
because the equipment is more cost intensive [40] than other measurement methods.
Further, this method is limited to dry cutting operations.

Detection of areal temperatures can also be done by thermo paint and thermo chalks [41].
The costs of the thermo paints and chalks are very low [42] and the inserts can be prepared
easily [41]. Both, the thermo paint and the thermo chalk exhibit a specific color at RT. After
heating up of an insert’s surface area to a specific temperature, there is a color change,
which is irreversible [41]. Some thermo chalks exhibit temperature levels for color change of
one temperature up to four temperatures. The use of thermo chalks is limited to
temperatures up to 600 °C. Whereas the thermo paints exhibit a wide temperature range of
application and can be used from RT to 1200 °C. They have many temperature levels with
step size from 30 to 150 °C, where the color change can take place [42].

The reaction time of thermo paints and chalks is a disadvantage. When the specific
temperature is effective, the thermo paints need 10 min and the thermo chalk needs 2 s to
react and convert into another color [42]. If the apparent temperatures are higher than the
needed specific temperature for color change, the reaction time is shorter. Only the mean
temperatures on the surface can be determined [42].

Due to their time and cost efficiency thermo chalks were the favorite choice for temperature
measurement within this work. They are used for the validation of FE simulation in cutting

experiments [34].

2.4.2 Temperature evolution in milling

During milling application, the temperature as function of time is indicated by a period of
exponential temperature increase during the insert-workpiece contact and an exponential
temperature decrease during the idle time. At the beginning of the milling process the mean
insert temperature increases linearly with the number of cutting cycles [5],[43]. The

variation of the tool temperature during milling is illustrated in Fig. 8.
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Fig. 8: Cutting temperature evolution of an insert during milling [43].
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There are no explicit statements in the literature about the exact cutting temperatures.
Many authors assume that the insert reaches temperatures between 800 and 900 °C within
the contact zone during cutting and the temperatures decrease to values between 250 and
300 °C in the idle period [4],[5],[44]. Bouzakis et al. argue that the cutting temperature has
to be the same or lower than the deposition temperature of the coating, which corresponds
to a temperature of <500 °C. They assume that there is a strong impact of this fact on
coating failure and wear evolution when the cutting temperatures are higher and the danger

of premature failure before 5x10° cycles is increased [32].

2.5 Combcrack formation in milling tools

The dominant damage mechanisms in milling are abrasive wear and thermal fatigue [5].
Abrasive wear in form of flank wear or crater wear is indicated by a removal of coating
material from the tool surface [1],[4]. It strongly increases when debris in the form of
hardmetal and coating fragments are formed by the shattering of exposed surface features
such as combcrack flanks [5].

The key factor influencing thermal fatigue is the temperature difference between maximum
temperature after heating and minimum temperature at the end of cooling in idle period
[5],[6]. After certain numbers of tool-workpiece contacts, characteristic cracks appear with
propagation planes perpendicular to the cutting edge of a milling tool [5],[6]. These
characteristic cracks will be referred to combcracks within this thesis. Both damage
mechanisms can be seen on the rake and flank face of an uncoated milling insert at the end

of lifetime in Fig. 9.
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Rake face

iy . \ - r

Fig. 9: Rake and flank face of a milling insert at the end of lifetime. During cutting the workpiece
material slips from the cutting edge over the rake face, the plane perpendicular to the rake face is
indicated as flank face. Combcracks propagate perpendicular to the cutting edge. Adhesive and

abrasive wear marks are visible [5].

Cyclic thermo-shock can foster combcrack formation [5],[6]. During the idle period, when
high cooling rates are effective and the surface temperature falls below the mean
temperature (see Fig. 8), the creation and evolution of tensile residual stresses are to be
expected, if the substrate is deformed plastically during the heating period [5],[6].
Combcracks can be apparent in milling under dry conditions as well as in milling using
lubricants. After the creation of the first combcracks, the crater wear increases
disproportionally because the edges of the combcracks are shattered which increases the
amount of debris of hardmetal and coating fragments [43].

Opitz and Lehewald [5] expected that residual stresses are oriented parallel to the cutting
edge. It is apparent that these residual stresses promote crack initiation and growth.
Yellowley and Barrow [7] described that combcracking is induced by a compressive yielding

of the surface layer of an insert in the heating cycle and the tensile residual stresses in the
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cooling. Cyclic mechanical loads in form of alternating contact pressure between chip and
tool may also introduce local plastic deformation close to the cutting edge [7].

This local plastic deformation is introduced by thermal stress amplitudes induced by
frictional heating, which appears in a small area close to the cutting edge [7]. The
combination of high cutting forces and high temperatures may exceed the flow stress of a
tool material due to the combination of current thermal stresses and sufficiently high
mechanical load stresses during cutting. Plastic deformation may be apparent in a localized
region during cutting. During cooling, the material of this region is prevented on contraction.
These loads can trigger the build-up and evolution of tensile residual stresses in the cutting
edge of milling inserts [7].

Ekemar et al. assumed that the hottest point on the surface of the rake face is the site of
crack initiation [6]. Dependent on cutting edge geometry the location of this site varies
within distances of several hundred micrometers from the cutting edge [6]. The use of liquid
cooling agents in milling leads to higher thermal shocks which fosters the creation of
combcracks [43]. Combcrack formation in milling inserts can be suppressed by lowering the
temperature amplitudes acting localized at the tool edge, e.g. by heating the inserts [5].
Another hypothesis on the combcrack formation is the high difference of the linear thermal
expansion coefficient between WC and the Co binder phase in the hardmetal substrate. The
difference induces residual stresses during cooling due to the higher contraction of the Co
phase which results in tensile residual stresses in the Co phase and compressive stresses in
the WC phase [45].

Bathia et al. described a combination of process parameters under which no tool failure
induced by combcracks occurs in interrupted cutting of mild steel plates (5275JR, 1.0044,
Rm™~ 470-630 MPa [46]) due to subcritical thermal or mechanical loading [47]. The feed rate
and the cutting speed have to be lower than 0.1 mm/revolution and 90 m/min, respectively.
The machine parameter intervals for the described process field of thermal fatigue tool
failure are also influenced by the radius of the tool's cutting edge. A milling insert with a
large cutting edge radius widens the machine parameter field in which wear rather than

fracture determines tool life [47].
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3 Experimental background and test procedure

The milling inserts were tested in two different test setups. Details of the testing
parameters, the used workpiece grade and the test matrix are given in this section (see
details in 3.5, 3.6, 3.7). Within this work the inserts are based on an 8 wt.% Co hardmetal
grade and a PVD Ti-Al-N based hard coating. Details concerning the insert geometry, the
microstructure of the hardmetal grade, and the material properties of hardmetal as well as
the hard coating are shown in chapters 3.1, 3.2 and 3.4.

To document the influence of a dry blasting process and the blasting time on the residual
stress in the substrate and the damage evolution in milling application, selected inserts were
post treated. The used blasting media and blasting time are described in chapt. 3.3.

After the milling experiments, the damage and the residual stress evolution over the
complete lifetime of the milling inserts were determined. The applied methods are
presented in the sections 3.9 and 3.10.

The understanding of loads and temperatures being situated at the cutting edge during
application is rare in the current literature. Within this work, an estimation of the cutting
temperature by investigation of microstructure changes of the workpiece, using thermo
chalks on the milling inserts and the use of FE simulation [34] was conducted (see
chapt. 3.8). The FE method is also a powerful tool to estimate mechanical tool loads [48].
The realistic simulation of temperatures and loads in the WC-Co substrate during cutting
[34] requires detailed knowledge of the mechanical, thermo-mechanical and -physical
properties. In cutting application elevated temperatures are apparent and these material
data are rather rare in the open literature. This chapter also discusses the used testing
method for determination of thermal diffusivity and — conductivity, heat capacity and
thermal expansion coefficient, elastic material properties, compressive yield strength and

fracture toughness at elevated temperature (see details in chapt. 3.11).

3.1 Hardmetal properties and microstructure

Within this work, one specific hardmetal grade was used in the milling inserts as substrate
material. The chemical composition, density, magnetic saturation, coercivity and hardness of
the hardmetal grade are shown in Tab. 1. The density of the hardmetal was determined by
means of the principle of Archimedes according to ISO 3369 [49]. The magnetic saturation
was determined by a Helmholz coil and the coercivity was detected by a Koerzimat according
to standard ASTM B886 [50].
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Tab. 1: Chemical composition, density, magnetic saturation, coercivity and Vickers hardness of the
used substrate material.

WC Co Mixed carbide Density, p Magnetic saturation, Coercivity, H. Hardness
[wt.%] [wt.%] (TaC, NbC) [wt.%] [g/cm?] 4o [Txm3/kg] [A/m] HV30 [-]
90.4 8.0 1.6 14.68+0.05 15348 1185741194 1414450

The microstructure of the hardmetal is visualized via scanning electron microscopy (SEM) in
Fig. 10. The polyangular shaped light grey phases represent the WC phase and the black
regions correspond to the positions of the Co phase. The darker gray phases characterize the
mixed carbides. The surface was ground and polished using a diamond paste to remove the
surface damages. In addition, the samples were polished using a colloidal silica suspension
(OP-S suspension). OP-S polishing enables the visualization of WC grain boundaries by
removing the softer Co binder phase [51]. The WC grain size of the investigated hardmetal
grade is about 0.704 + 0.006 um. The perimeter of the WC grains was observed using the
electron backscatter diffraction (EBSD) method. The samples were tilted with an angel of 60°
in the scanning electron microscope (SEM, Crossbeam field emission gun, Zeiss Auriga) and
the DigiView IV EBSD detector was used. The WC grain size is an average value of about 400

detected WC grains.
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Fig. 10: SEM micrograph of the microstructure of the hardmetal grade. Grey shaped grains are the
WC phase and the darker grey grains are the mixed carbides. The black/ dark areas around the WC

grains are the areas of the Co binder phase.
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3.2 Ti-Al-N based hard coating

All milling inserts were coated with an 8 um thick Ti-Al-Ta-N film via PVD using CAE process
in an industrial scale PVD device [2]. The chemical composition of the coating was
determined via glow discharge optical emission spectroscopy (GDOES) and is summarized in
Tab. 2 and [16].

Tab. 2: Chemical composition of the Ti-Al-N coating [16].

Ti [at.%] Al [at.%] Ta [at.%] N [at. %)

18.5 30.8 0.7 50.0

The Ti-Al-Ta-N coating used within this work exhibited a hardness of about 30.8 + 1.1 GPa
and a Young’s modulus of about 499.3 + 13.3 GPa. Both values were determined by the
method of Oliver and Pharr [52] using nanoindentation (CSM nanoindenter) with a Berkovic
diamond tip and test load of 30 mN [16]. To reach a statistically relevant hardness value, 16
indents were averaged.

The fracture toughness values of this coating are hardly available in the open literature. But,
the fracture toughness of a Ti-Al-N based hard coating is known and about 3.8 MPavm [53].
The thermo-physical properties of the Ti-Al-Ta-N coating were determined by Tkadletz et al.
[54]. The coating exhibits a heat conductivity of about 5.8 + 0.6 Wm™K®, which was
determined by time-domain thermo reflectance method [54]. The thermal expansion
coefficient of the coating was determined up to 700 °C by high temperature X-ray powder
diffraction. The Ti-Al-Ta-N coating exhibits a thermal expansion coefficient of 5.64 x 10 K™
[54].

3.3 Post treatments

After deposition selected inserts were post-treated via a dry blasting process. An injector
blasting facility was applied using a blasting pressure of 3 bars. Spherical particles composed
of zirconia, silica and alumina with grain sizes ranging from 125 um to 250 um and three
different blasting times were chosen. After 168, 252 and 336 seconds the blasting process

was stopped, see details in own publication IV [55].

19



3.4 Milling insert

In all milling experiments the same milling insert geometry was used. The schematic view of
the milling insert and the cross section of the cutting edge are shown in Fig. 11 as a light
optical microscope (LOM) image. The top side is referred to rake face and the flank face is
located perpendicular to the rake face, see Fig. 11a). When a milling insert cuts a workpiece,
the produced chip moves along the chamfered cutting edge of the rake face (see Fig. 11b)).
The chamfer has an angle of about 10° to the rake face and the width is about 0.3 mm. The
choice of this geometry for this work possesses two advantages. Firstly, the cutting edge
geometry exhibits plane faces, which are necessary for reliable residual stress
measurements and to reduce their uncertainty. Secondly, the danger of sudden failure of
the cutting edge is lower because the cutting edge is not sharp. Additionally all faces of the

cutting inserts were grinded to guarantee a similar surface quality.

a) b)

Rake face

Flankfaée'

150 um

Fig. 11: a) Schematic illustration of the milling insert, b) LOM image of the cross section of the

chamfered cutting edge.

The tool dimensions were 6.35 x 11.4 x 10 mm?3. All inserts consisted of the same hardmetal
grade with 8 wt.% Co and an average WC grain size of 0.7 um (see details in chapt. 3.1.) and
they were coated with a Ti-Al-Ta-N film having a thickness of about 8 um (details in

chapt. 3.2.).

20



3.5 Workpiece material

For all experiments a 42CrMo4 (1.7225) steel of the same production lot was used. The

chemical composition and the mechanical properties are presented in Tab. 3 [56].

Tab. 3: Chemical composition, yield strength (R,.), ultimate tensile strength (R,,), elongation (As)

and Brinell hardness (HB30) of the workpiece material, a 42CrMo4 steel in normalized condition [56].

C Mn  Si P S Cr N Cu Al N \Y Ti Mo
(%]  [%] [%] [%] (%]  [%]  [%] [%]  [%] (%]  [%]  [%]  [%]

0.43 066 0.2 0.013 0.005 0.99 0.06 0.06 0.028 0.005 0.01 0.002 0.22

Rp0.2 Rm A5 HB30
[N/mm?]  [N/mm?] [%] [-]
435 760 15 226

The workpiece dimension was 800 x 96 x 200 mm3. The microstructure of the workpiece

material is shown in Fig. 12.

Fig. 12: LOM image of the microstructure of a 42CrMo4 (1.7225) steel in a normalized condition.

The main components of the microstructure are ferrite and pearlite grains.
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3.6 Milling experiments

Within this work, milling experiments were carried out in two different milling test setups A
[57] and B [58], which are illustrated in Fig. 13. The milling insert was fixed in a special milling
tool, which exhibits a diameter of 125 mm. This tool is shown in Fig. 13 referred as tool
[57],[58]. In both test setups, the same workpiece material, a normalized 42CrMo4 (1.7225)
with a hardness of 226 HB30 (see Tab. 3) was used, see details in chapter 3.5. [57],[58].

All experiments in both test setups were done in a single edge climb-up milling arrangement
using a cutting speed v, of 220 m/min and depth of cut a, of 4 mm in dry conditions
[57],[58].

Experiments in test setup A were carried out using a feed rate f, of 0.4 [57] whereas inserts
tested under test setup B conditions f, of 0.5 mm/tooth was applied [58]. The cut segment
length is equal to the length of the workpiece, in which the tool had to move in feed rate
direction, see Fig. 13. After cutting a cut segment, the tool had to move from the end
position to the start position. In test setup A [57], the cut segment length was about 800 mm
whereas in test setup B, this cut segment length was shorter and about 96 mm, see Fig. 13b)
[58]. In the test setup A arrangement the milling insert can perform 1,900 contacts within
one cut segment length. Milling tests with a higher number of cuts required the movement
of the milling tool to the start position to cut a new segment [57]. This test setup A is
characterized by less frequent tool movements from end to start than in test setup B
[57],[58]. For example a tool with one insert, that cuts 3800 times under test setup A
conditions, had to be removed two times whereas inserts tested under test setup B

conditions had to be removed 13 times.
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Fig. 13:Scheme of applied milling test setups A and B with different cut segment lengths and feed
rates of a) 96 mm and 0.5 mm/tooth referred to as test setup A, and b) 800 mm and 0.4 mm/tooth

referred to as test setup B. Only one of six milling inserts was mounted in the tool holder [57],[58].
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In test setup A a dummy insert removed previously a length of about 46 mm at the
beginning and the end of each cut segment [57]. Therefore the start and end position
between test setup A and B was different (see Fig. 13). Fig. 14 shows the workpiece, in which
a dummy insert had removed the beginning of a cut segment. In test setup A it was ensured
a constant tool-workpiece contact length (TWCL) at each cut. Milling inserts, tested under
test setup A conditions, always cuts the same TWCL of about 51.44 mm at each contact with
the workpiece. Under constant cutting conditions, one contact took 14 ms to cut this TWCL
of 51.44 mm. The idle time was 96 ms [57].

Removeﬁhefo re

Fig. 14: Start position of tool in test setup A. Workpiece exhibits a removed beginning of a cut

segment [57].

The milling inserts in test setup B experienced non-constant TWCL at the beginning and at
the end of each cut segment because of the entry and exit of the tool (see Fig. 13b) [58].
During the entry the TWCL increases with increasing number of cuts from nearly 0 to
51.44 mm after 92 contacts with the workpiece material. Until TWCL reaches the constant
value of 51.44 mm after 92 cuts, the insert has to cut 2.5 m accumulated tool-workpiece
contact length (aTWCL) under non-constant cutting conditions [58]. In the test setup B the
milling inserts can carry out 100 cuts under constant cutting conditions with a constant
TWCL of 51.44 mm within one cut segment. After these 100 contacts the TWCL decreases
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again because of the exit of the tool. A milling insert, tested under test setup B conditions,
performs 100 cuts under constant and 184 cuts under non-constant cutting conditions
within one cut segment, respectively [58]. To compare the residuals stress and damage state
in milling inserts tested in both test setups, the tool-workpiece contact length (TWCL) were
accumulated, which is referred to accumulated tool-workpiece contact length (aTWCL)

within this work.

3.7 Overview of milling experiments

All milling inserts were tested either under test setup A or B conditions, see testing details in
previous chapter 3.6. Tab. 4 shows an overview of all milling tests, which were done and

stopped after a selected accumulated tool-workpiece contact length (aTWCL).
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Tab. 4: Overview of the milling experiments conducted within this thesis. Red coloured columns
indicate the milling tests in both test setups, which were done to enlarge the knowledge of the
residual stress and damage evolution in inserts over their complete lifetime [57],[58]. The blue
colored columns indicate the tests under test setup B conditions for estimation of the influence of
the post treatment and blasting time on residual stresses and damage [55]. Two additional milling

tests with the same aTWCL were done to estimate the cutting temperature (indicated by a star).

Test setup A Test setup B
Determination of residual stress and Influence of dry blasting on residual
damage in inserts over the complete stress and damage
lifetime
Blasting Blasting Blasting
duration duration duration
162 s 252s 336s
Milling stop after after Milling stop Milling stop | Milling stop | Milling stop
accumulated tool- after aTWCL after aTWCL | after aTWCL | after aTWCL
workpiece contact [m] [m] [m] [m]
length (aTWCL) [m]
0.102 2.50 36.00 36.00 36.00
0.51 36.00 407.81 407.81 407.81
2.57 407.80 815.60 815.60 815.60
15.12* 611.70 1223.46 1223.46 1223.46
25.72 2854.70 1631.28 1631.28 1631.28
52.44 2039.1 2039.1 2039.1
288.06 2446.92 2446.92 2446.92
493.82
673.86
910.49
1203.70
1347.73

To enlarge the knowledge of the residual stress and damage evolution over the complete
lifetime of milling inserts in two different milling arrangements, twelve and five milling tests
were done under test setup A and B conditions, respectively. The detailed cut length of
aTWCL are indicated in the red colored cells in Tab. 4 [57],[58].

Selected milling inserts were post treated with different blasting time of 168, 252 and 336 s.
To document the influence of post-treatment and its durations on the emergence of residual

stress and damage, the milling tests were done under test setup B conditions. Independent
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of the blasting time, all inserts had to cut the same amount of aTWCL, which is shown in the
blue marked cells in Tab. 4 [55].

Two milling tests, cutting the same aTWCL of 15.12 m (indicated by a star in Tab. 4), were
performed to estimate the cutting temperature using thermo colors, see experimental
details in next chapter 3.8.

Four additional milling tests (see Tab. 5) were performed to document the influence the
mechanical impact on the hardmetal substrate, which may foster the combcrack formation.

This was applied by varying the feed rate and speed.

Tab. 5: Cutting parameter of four additional milling tests, in which speed and feed rate was varied in

test setup A arrangement.

Test setup A arrangement
Influence of varied speed and feed rate on damage state
f, Ve Milling stop after aTWCL
[mm/tooth] [m/min] [m]
0.4 220 1923.86
0.5 220 1241.14
0.6 220 285.59
0.6 250 64.60

Under test setup A conditions, the feed rate f, is increased from 0.4 to 0.6 mm/tooth.
Additionally, one milling test was done in which the f, was constant at 0.6 mm/tooth and the
speed was increased from 220 to 250 m/min. The other machining parameters were the

same as used in test setup A.

3.8 Indirect cutting temperature determination

The cutting temperature was estimated in two different ways. First, after a cut the
microstructure of the steel chips of the workpiece material was investigated. A change of the
steel microstructure gives the opportunity to estimate the cutting temperature. This was
done using LOM and SEM. Second, the temperature in the areas close to the wear marks can
be directly determined on the rake and the flank face of the milling insert using thermo
chalks (FA Kager Industrie Produkte GmbH). An orange colored thermo chalk changes the
color to grey at a temperature higher than 245 °C, to black at 335 °C and to white when the
temperature reaches 505 °C, respectively. The green one has the colour change at 600 °C.

The temperatures have to be reached and stayed longer than two seconds to activate this
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colour change. Within this work, the cutting duration only lasted 14 ms. Despite the short
cutting duration, the colour change of the thermo chalks can be activated, when the
apparent temperatures are higher. Secondly, the mean temperature (see Fig. 8) on rake
faces can reach this magnitude and the color change can be activated within
15.12 m aTWCL. The colored inserts were investigated after milling 15.12 m aTWCL.

3.9 Damage investigation

The rake face’s surface topography of all milling inserts was investigated by scanning
electron microscopy (SEM, Crossbeam field emission gun, Zeiss Auriga). Cross sections of
selected milling inserts were prepared by means of focused ion beam technique (FIB, Orsay
Physics Cobra Z-05 FIB extension) to document the damage state after application. The cross
sections had a depth of 15 um. Position resolved detection of the chemical elements within
the cross sections was performed by means of X-ray emission spectroscopy (EDX, EDAX
Apollo 40+).

For documentation of the shape of the first combcrack of the milling insert with 611.7 m
aTWCL in test setup B, the scanning acoustic microscopy (SAM, SAM 400, PVATePla) with a
sound frequency of 75 MHz in reflection mode was used. A cross section of the sample was
prepared. Fig. 15a) presents a schematic view of the milling insert. Dashed lines in Fig. 15a)

show the position of the cross section (see Fig. 15b)), in which the acoustic waves were
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Fig. 15: a) Schematic view of milling insert, dashed lines indicates position of prepared, polished cross
section. b) Prepared milling insert, which cuts 611.7 m aTWCI and exhibits first combcrack. Position
of combcrack, indicated with a white line, is about 500 um in depth and away from cross section’s

surface, in which the sound was induced.
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The surface of the specimen’s cross section was previously prepared and polished to avoid
reflexion of the sound due the surface roughness.

Each inhomogeneity, e.g. sample hole, appeared very brightly grey in the SAM image due to
acoustic wave reflection within the sample. In the area of detailed investigations (see red
rectangle in Fig. 15b)) the radius of the sample had to be removed to avoid undesired
reflections. Using this sample preparation, the acoustic waves were only reflected by the
crack flanks of the combcrack. The combcrack was positioned about 500 um away from the

polished surface, in which the sound was induced (see white line in Fig. 15b)).

3.10 Position resolved residual stress measurement

3.10.1 Residual stresses in WC phase determined via synchrotron X-ray
diffraction

The residual stress maps of selected inserts were determined using a synchrotron X-ray
diffraction method. The early stages of milling application under test setup A conditions
were investigated, in which milling experiments of the investigated inserts were stopped
after cutting 0.201, 0.51 and 51.44 m aTWCL (see red colored cells in Tab. 4), which
corresponds to two, ten and thousand cuts [59]. Additionally, the as-deposited milling insert
without any tool-workpiece contacts, so-called virgin insert, was also characterized as
reference material at the G3 beamline of the Hasylab synchrotron source in Hamburg. A 4-
circle diffractometer using monochromatic synchrotron X-rays with energy of 10 keV was
used. The residual stress states in the direction parallel and normal to the straight portion of
the cutting edge were measured using a position sensitive charge-couple device (CCD)
detector with fiber optics (see Fig. 16a)). It is possible to determine position resolved results
by facilitating thousands of diffractograms with this so called MAXIM system [60]. The side
inclination method was used [61] (see Fig. 16b)). The data relates to the mean penetration
depth up to which a fraction of (e - 1)/e = 63 % of the incident radiation is absorbed [59]. In
the mean penetration depth of about 1.3 um below the interface between coating and

hardmetal substrate, the residual stresses were determined in the tungsten carbide phase.
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Fig. 16: Scheme of a) applied G3 beamline synchrotron source [60] and b) side inclination method
[mod.[62].

The white rectangle in Fig. 17 indicates the position of the synchrotron measurements on

the milling insert’s rake face.

Fig. 17: Top view of a milling insert after cutting 51.44 m aTWCL (accumulated tool-workpiece
contact length corresponding 1000 tool-workpiece contacts) under test setup A conditions. The

white square indicates the area of residual stress measurements [59].

The used diffraction peak was at a 20 angle of 86°, which corresponds to the (211) plane of
the WC phase [59]. The uncertainty associated with the residual stress measurements was in
the order of the magnitude of the determined values and was influenced by two aspects. On
the one hand, the diffraction intensity is strongly affected by the low number of illuminated

WC grains. On the other hand, the lateral resolution of the measurement is decreased due to
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the necessary distortion correction procedure resulting in a lateral resolution of 100 um?
[59],[60].

3.10.2 Residual stress in WC phase determined X-ray diffraction

To determine the evolution of residual stresses in the substrate material on the rake face of
the milling insert in both milling test setups, selected milling inserts were investigated by X-
ray diffraction. The residual stress state in the substrate was determined in inserts over the
complete lifetime, which were tested under test setup A [57], as well as under test setup B
conditions [58]. The detailed lengths of aTWCL are documented in Tab. 4, see in red cells.
The influence of the blasting time of post treated inserts on the residual stress state was also
investigated at early stages of application. The residual stresses in inserts, which had cut
3.6 m aTWCL under test setup B conditions, and in inserts, which were post-treated but
without any workpiece contact were determined [55].

An X-ray diffractometer (XRD, Brucker AXS D8 Discover) in parallel beam geometry was used,
which was equipped with a Sol-X energy dispersive detector, an open (90°) Eulerian cradle
and a polycapillary collimator. Detailed description of the method is given in [57],[58]. For
determination of residual stresses in the WC phase of the substrate, Cu K, radiation was
used. A current of 35 mA and a voltage of 40 kV were applied [57].

The w-method was selected to determine the residual stress states in the WC and TiN phase

[62] (see Fig. 18)). Using the w-method, the samples were tilt along the ¢ angle.

Fig. 18: Graphical illustration of the w- method [63]. For residual stress determination, the sample

was tilted along the ¢ angle.
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The residual stresses in the WC phase were determined at a diffraction peak at a 20 angle of
117.3°, which corresponds to the same (211) plane as used in the synchrotron investigations
(see chapt. 3.10.1) [57]-[59]. The mean penetration depth was ranging from the interface
between coating and hardmetal substrate to 5 um below this interface. The measurement
values refer to the mean penetration depth up to which a fraction of (e - 1)/e = 63 % of the
incident radiation is absorbed [58].

To realize the position resolved residual stress measurements, a covering method was used,
in which areas outside of the region of interest (ROI) were covered by a self-fixed brass foil
with a thickness of 34 um, shown in Fig. 19. This ROI did exhibit a size of 0.3 x 1.6 mm? and
was located 0.3 mm away from cutting edge. Brass was chosen as a cover material to avoid
an overlapping of the diffraction peak (211) originating from the WC phase in the sample
and the cover material [57]. For stress determination in the WC phase, diffraction intensity
was recorded in a diffraction angle range 26 from 114.6 to 119.1° and sample tilt angle ¢ up
to 35° [57].

Fig. 19: Light optical microscopy image of the rake face of a milling insert, which is prepared for
position resolved X-ray diffraction in the region of interest (1.6 x 0.3 mm?). Areas outside of this

region were covered by brass for determination residual stresses in the WC phase [57],[58].

In all measurements, a stress component parallel to the straight portion of the milling
insert's cutting edge was determined. Diffraction geometry with incident and diffracted
beam parallel to this direction was chosen. These beams penetrate the investigated phase
parallel to the long axis (1.6 mm) of the uncovered area to minimize shadowing effects
caused by the covering brass foil. Otherwise, the shadowed fraction of the rectangular
region with a long axis a (1.6 mm) and a short axis b (0.3 mm) would be larger by a factor of
five at the same incidence angle 0 if symmetric incident and diffracted beams are assumed
and no sample tilt is considered (¢ = 0). The effect would be larger at tilted samples (¢#0,

see Fig. 18 [57].
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The determination of the diffraction angle of the measured peak was done by the software
Topas 4.2 (Brucker AXS, Germany). For each specimen the residual stress component parallel
to the surface and parallel to the straight portion of the cutting edge was then deduced from
the slope determined by linear regression in the sin?y-plot according to the formalism
described in [63]. Using elastic constants of Young’s Modulus (660 GPa [10]) and Poisson’s

ration (0.23 [10]) from literature were taken to calculate the residual stress values.

3.10.3 Residual stresses in Ti-Al-N based coating determined by X-ray
diffraction

The evolution of residual stresses in the coating was also determined with the same X-ray
diffraction equipment using the w-methods explained in the previous chapter 3.10.2. Cr K|,
radiation with a current and voltage of 40 mA and 40 kV, respectively, was used [64]. For the
residual stress determination of the coating, the diffraction peak of cubic TiN phase at 20
angle of 66.8°, which corresponds to the (100) plane, was chosen. The diffraction intensity of
the TiN phase was recorded of a 20 angle from 64.2° to 69° and the sample tilt angle ¢ was
up to 20°. Al and Ta are dissolved in the cubic TiN phase, details are shown in chapt 2.2.

The residual stresses were detected in the virgin insert and in the milling inserts, which had
cut 51.44, 493.82 and 1923.8 m aTWCL under test set up A conditions and 36, 407.8 and
611.7 m aTWCL under test setup B conditions (see details in red coloured cells in Tab. 4)
[64].

The residual stresses were determined localized using the cover method. For investigations

of the coating, a lead foil with a thickness of 16 um as cover material was chosen.
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Fig. 20: Light optical microscopy image of the rake face of a milling insert, which is prepared for
position resolved X-ray diffraction via cover method using a lead foil as cover material. The red
rectangle indicates position and size of the location without a covering by lead foils for one
measurement with enlarged region of interest in vertical direction (1.6 x 0.6 mm?2), see details

elsewhere [64].

In this case brass as cover foil could not be used due to the overlapping of the diffraction
peak (100) originating from the TiN phase in the coating and brass. The lead foil was fixed by
a double-face adhesive tape, which had a thickness of 30 um. The summarized thickness of
the lead foil and the double-face adhesive tape of 46 um is higher than the thickness of the
brass foil [57],[64].

During the residual stress determination of the coating, the shadowed area is higher, which
increases the measurement uncertainty. A background correction was done to improve
intensity between the diffraction maxima of the TiN phase and the background signal of the
lead foil. This decreased the measurement uncertainty. For that, a lead foil sample was
measured with the same measurement parameters as the actual stress measurements. For
each diffraction angle 20 and for each tilt angle ¢ the observed diffraction intensity /sgmpe
was corrected according to the relation leom(O,¥) = lsampie(©, Y1) - Ipp(O,¢). The subsequent
data reduction was performed using the corrected diffraction intensity [64]. The values of
residual stresses of the TiN phase were generated from the surface to a depth region of
about 4 um below the surface [64].

An open point in the literature is the localization and size of region, in which tensile residual
stresses may be effective, in the hard coating. To verify the size of this region, residual
stresses were determined in an enlarged region (1.6 x 0.6 mm?) in vertical direction (see red
dashed rectangle in Fig. 20). The horizontal distance of 1.6 mm of the region is the same. The
residual stresses in the enlarged region were detected in the coating of the milling insert
with an aTWCL of 407.8 m, tested under test setup B conditions.
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3.11 Thermo-physical and -mechanical tests

The FE method is a powerful tool for estimation of mechanical and thermal tool loads [48].
The realistic simulation of temperatures apparent during cutting requires detailed
knowledge of the thermo-physical and mechanical properties [8], in particular thermal
diffusivity (a), the thermal conductivity (A), heat capacity (c,), thermal expansion coefficient,
Young’s modulus (E) and shear modulus (G), Poisson’s ratio (v), yield strength (Rp0.2), fracture
toughness (Kc). These determined material data were used as input data for FE simulation
[34].

3.11.1 Thermo-physical tests

The thermal diffusivity (a) and the heat capacity (c,) were directly detected by means of the
laser flash method, according the method described in [65]. The used laser flash equipment
was a Netzsch LFA 457 MicroFlash. Details concerning the used measurement method are
described in [65],[66]. A rectangular hardmetal specimen with a size of 10 x 10 x 3.5 mm?3
was heated up with a short laser beam impulse. The introduced amount of heat was
distributed over the whole sample. The emitted infrared rays from the opposite specimen
side (see Fig. 21a)) were collected by a detector.

The thermal diffusivity of the testing material was calculated according to Equation 1.

Equation 1: Thermal diffusivity a [mm?/s], sample thickness d [mm] and and soaking time t;/, [s]
which is defined as the duration, in which the specimen side that is not irradiated by the laser
reaches half of maximum temperature rise, see Fig. 21b) [66].

d2

a=0.1338*« — Equ.1
ty,
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Fig. 21: a) Schematic illustration of heating up the specimen by a laser pulse and the emitted infrared
rays. b) Definition of the soaking time t;,,. Emission of laser pulse (red line) and the temperature of

the sample’s non-irradiated side (blue curve) as a function of the time [66].

The ¢, of the hardmetal was determined using comparative measurement with a
molybdenum specimen as reference material. The ratio between the c,and the energy of
the emitted rays of the molybdenum was used to calculate the heat capacity of the
hardmetal using the measured energy of the emitted rays, according to [65].

All samples were coated with a thin graphite coating before testing and therefore the
samples can be considered as a black body, which exhibits an emission coefficient of 1 and
which results in an almost complete storage of the laser energy in the specimen’s
temperature reservoir. The temperature difference (AT) is determined directly by the
detector.

The thermal conductivity was calculated according to Equation 2 using the density and the

determined thermal diffusivity and heat capacity.
Equation 2: Thermal conductivity A [Wm™K™]
A=p*cy*a Equ. 2

The measurement inaccuracy of the laserflash equipment for p, a, c,and A are 2%, 3 %, 5 %
and 9 %, respectively [67]. The density of the hardmetal was determined at RT. The thermo-
physical data were measured as a function of temperature up to 1000 °C.

The thermal expansion coefficient (a) was determined by a dilatometer (Netzsch
DIL 402 E/7) for temperatures up to 1300 °C. Cylindrical samples with a diameter of 5 mm
and a length Ly of 25 mm were used. The increase of the specimen length with increasing
temperature was detected and the thermal expansion coefficient was calculated according

to Equation 3. AL and AL »5 -ccorresponds the difference between the lengths, which are
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detected at testing temperature (7) and at room temperature 25 °C, and the reference
length Lo.
Equation 3: Linear thermal expansion coefficient a [K™]:

AL_ALgtzs°Cc

Lo Lo
(T-25°C)

Equ. 3

The measurement error connected with the value of o is approximately 5 %. At
temperatures below 100 °C thermal expansion coefficients determined at temperatures
below 100 °C are not accurate because the dilatometer can only resolve changes in length

greater than 10 um.

3.11.2 Thermo-mechanical tests

The temperature dependent Young’s- and the shear modulus was determined for the
hardmetal grade via resonant ultrasound spectroscopy in a heating device. A rectangular bar
specimen with dimensions of 45 x 4 x 3 mm?3 was used. The bar was induced to oscillate, the
Eigenfrequency of the hardmetal bar was determined and the Young’s (E) — and shear (G)

moduli were calculated according to [68]. The Poisson’s ratio (v) was determined according
to Equation 4. The Young’s modulus was determined for the temperature range from room

temperature (RT) to 1100 °C, G and v from RT up to 700 °C.
Equation 4: Poisson’s ratio v [-]

E
V= -1 Equ. 4
2xG

The measurement error for E, G and v using this test setup are 2 %, 6 % and 9 % respectively.
For determination of the compressive flow strength, static uniaxial tests under compression
loading conditions were done using a servo hydraulic testing machine type Instron 8803. The
experiments were carried out under ambient atmosphere at temperatures of 400, 600 and
800 °C. All hardmetal samples (see Fig. 22) were heated inductively. Strain measurements
were done contactless via a laser extensometer P- 2S- 50 / 400 Hz (Fiedler Optoelectronic
GmbH) with a class of accuracy of 0.2 and resolution of 0.1 um.

The accuracy class describes the possible deviation of the measured elongation from the
correct elongation. The definition can be found in [69]. The value 0.2 corresponds to the
maximum deviation of £ 0.2 %.

The strain values were determined experimentally at a measurement length of 8 mm. This
means that the absolute error made when measuring the strain, reaches 7.5 % at strain
values of 0.01 % and 75 % at strain values of 0.001 %. The specimens for uniaxial testing did

36



not have a constant cross section within the measurement length of 8 mm with a minimum
diameter of dpi,= 5.5 mm. The detected strain values need to be corrected by means of
finite element simulation. The detailed theoretical description of this correction can be
found in [70].

Fig. 22: Image of the uniaxial test sample shape.

The compressive yield strength R, at a plastic strain of 0.2 % was determined using the
stress-strain curves attained under compressive loading conditions.

High temperature (HT) fracture toughness (K;c) was determined using single edge notched
bending specimens (see Fig. 23) according to the standard ASTM E399 [71]. Rectangular
hardmetal specimens with a size of 36 x 7 x 4 mm? (L x Wx B) were used. The notch was
induced by a slicing machine and refined using a razor blade and a fatigue crack. The fatigue
crack was initiated by cyclic compression at a stress ratio of 10 with a stepwise increase of
applied stress intensity factor range AK until detection of a fatigue crack. The fatigue crack
lengths within the specimens were between 30 and 100 um. The complete lengths of the

refined notches (a) were between 0.45 to 0.55 times of the specimen width (W) [71].
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Fig. 23: Image of a single notched bending test setup with the notched hardmetal specimen. S
corresponds to the distance of 32 mm between the supports and length a identifies the length of

refined notch.

The K¢ is calculated according to Equation 5. The empirical factor f(A) is based on the ratio
between length a and W and calculated according to equations, which are described in
standard ASTM E399 [71].

Equation 5: Fracture toughness K- [MPavm]. P, corresponds to the maximum load during the

bending test. Factor S indicates the distance between the supports, see Fig. 23.

Pea*S*f(4)

KIC - BxW 15

Equ. 5

The experiments were done using a spindle drive testing facility (Zwick) at temperatures
from RT up to 800 °C. The tests at RT and 300 °C were carried out at ambient atmosphere
whereas experiments at 500, 700 and 800 °C were done under vacuum conditions to avoid

oxidation at crack flanks.
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4 Results

4.1 Damage investigations of milling inserts

The following chapters illustrate the dominant damage mechanisms in milling experiments
of test setup A and B. The contact lengths at early stages, the wear damage and the thermal
fatigue in form of combcracks are shown. More details about the scanning electron
microscope investigations including the focused ion beam preparations are described in
publications | - 1ll, see [57]-[59].

4.1.1 Testsetup A

The contact length of this chip on the rake face can be determined via length measurements
on the wear marks at insert’s rake face. These wear marks are not clearly pronounced at
very early stages of application. Therefore, platinum as soft metal was previously deposited
as a layer on the rake face of a virgin milling insert, which is illustrated in Fig. 24a). Platinum
is removed during chip formation. Due to the contrast in the SEM image between the bright
apparent platinum layers and the dark apparent Ti-Al-Ta-N coating, the contact length can
be determined easily. The SEM micrograph of the same milling insert after 2 cuts, which
corresponds to an accumulated tool-workpiece contact length (aTWCL) of 0.103 m under
test setup A conditions, is shown in Fig. 24b). The platinum layer on the surface was partially

removed.

Fig. 24: SEM micrographs of rake face of a) a virgin insert, and b) of the same insert after two cuts
tested under test setup A conditions, corresponding an aTWCL of about 0.103 m. The brighter lines
are platinum layers, deposited on insert’s rake face. After two cuts these layers are partially removed

due to chip forming.
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The contact length of the chip on the rake face was 508 um because of the removement of
the previously deposited platinum layer along this distance. The contact length increased
with increasing cutting duration. In inserts at the end of lifetime the contact length was
about 860 um (see Fig. 28a) for test setup A.

To document the damage state of the used cutting edges tested under test setup A
conditions, the flank and rake faces of selected milling inserts with 51.440 and 900.200 m
aTWCL and at the end of lifetime after about 1,923.856 m aTWCL (see red cells in Tab. 4)
were investigated by SEM [57].

Fig. 25 shows SEM flank face surfaces of the milling inserts, which cut 51.44 m, 910.49 m
aTWCL and the insert at end of lifetime (1923.86 m).

40



910.49 m

1923.86 m

“"h l -ksu

Fig. 25: SEM images of the flank face of inserts (rake faces are shown in Fig. 26a), Fig. 27a) and Fig.
28a)) after a) 51.440, b) 900.200 m aTWCL and c) end of lifetime (1,923.856 m aTWCL) tested under
test setup A conditions [57].

During application the coating at the cutting edge and flank face is removed. Wear damage
is increased without the protection of the coating, see Fig. 25c). At end of lifetime the
coating on the tool’s flank face is removed up to a distance of about 100 um from the cutting
edge (see Fig. 25c)) and the whole cutting edge was disintegrated. A continued use of the
worn tool after 1,923.856 m aTWCL would raise the risk of complete fracture of the cutting
edge [57].

To document the surface topography and damage state at the rake face, the same selected
milling inserts (see length of aTWCL specified in red cells in Tab. 4) were investigated by SEM
[57].

41



Fig. 26a) shows an overview of the rake face, which cut 51.55 m aTWCL, and the small red
coloured square indicates the location of surface image with higher magnification positioned
at the upper edge of the chamfer as shown in Fig. 26b). A FIB cross section is illustrated in
Fig. 26c); the respective position is indicated by a red line in Fig. 26b). Platinum layers were
deposited on all specimens prior to FIB cutting to produce a smooth FIB cut. These platinum
layers appear as a bright film on top of the grey coloured hard coating on the hardmetal

substrate [57].

v
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Fig. 26: a) SEM micrograph of the rake face of used milling inserts after 51.44 m aTWCL, tested under

test setup A arrangement. Red frame in a) indicates the location of detailed surface investigations
shown in b) with higher magnification. Red line in b) indicates the position of FIB cross section
illustrated in c). Bright top layers on top of the FIB cross sections represent protective platinum layers
[57].
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Abrasive wear marks, which look like grooves, are visible on the rake face of the insert that
cut 51.44 m aTWCL. Droplets were detected in the cross section of the coating, see Fig. 26c).
Some pores were found around of one droplet, which are typical in CAE deposited coatings
[22].

The rake face of a used milling insert, which had cut 910.49 m, is shown in Fig. 27a). The
small red coloured square in this overview image indicates the location of surface image
with higher magnification positioned at the upper edge of the chamfer as shown in Fig. 27b).
Fig. 27c) illustrates the FIB cross section with its respective position indicated by red line in
Fig. 27b) [57].
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Fig. 27: a) SEM micrograph of the rake face of used milling inserts after 910.49 m aTWCL, tested
under test setup A conditions. Red frame in a) indicates the location of detailed surface
investigations shown in b) with higher magnification. Red line in b) indicates the position of FIB cross
section illustrated in c). Bright top layers on top of the FIB cross sections represent protective
platinum layers [57]. The positions of a detected crack within the adhesive workpiece layer in c) are

indicated by a red arrow.

Fig. 28a) shows the cutting edge at end of lifetime, tested 1923.86 m aTWCL under test
setup A conditions. The small red coloured square indicates the location of the surface image
with higher magnification positioned at the upper edge of the chamfer as shown in Fig. 28b).
The FIB cross section is illustrated in Fig. 28c); the respective position is indicated by a red
line in Fig. 28b).
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Fig. 28: a) SEM micrograph of the rake face of used milling insert at the end of lifetime after
1923.86 m aTWCL tested in test setup A arrangement. Red frame in a) indicates the location of
detailed surface investigations shown in b) with higher magnification. Red line in b) indicates the
position of FIB cross section illustrated in c). Bright top layers on top of the FIB cross sections
represent protective platinum layers [57]. The crack is detected within the adhesive workpiece layer

and not in the coating in c), which is indicated by a red arrow.

Adhesive wear marks and abrasive wear, which look like grooves, were detected on milling
inserts, which cut more than 51.440 m aTWCL, e.g. see Fig. 27b), c) and Fig. 28b), c). The
grooves are apparent either in the adhered workpiece layer (see Fig. 27c)) or in the coating
(cf. Fig. 28c)). The width and depth of the grooves seem to increase with increasing number
of cuts, see FIB cross sections in Fig. 27c) and Fig. 28c). During cutting application the
adhered workpiece layer tends to be removed and re-created. The milling insert, which cut

910.49 m aTWCL, exhibits a workpiece layer thickness of about 4 um (see dark grey layer

45



below the platin layer in Fig. 27c)) whereas the insert at the end of lifetime has a much lower
layer thickness of workpiece material with a thickness of about 0.3 um, see in Fig. 28c).
Workpiece material completely fills up the grooves, which were induced by abrasive wear, as
seen in the FIB cross sections in Fig. 28c). Along these filled grooves, cracks were found
perpendicular to the surface and in normal direction to the cutting edge. This crack growth
started from the surface and stopped when the crack reached the workpiece
material/coating interface, as indicated in the FIB cross sections by red arrows in Fig. 27c)
and Fig. 28c) [57]. Some authors also determined this kind of wear damage dominated by
grooves on their milling inserts [72],[73].

In this test setup, neither macroscopic nor microscopic combcracks were determined in the
coating or hardmetal substrate [57]. This result is not characteristic for most of the milling
experiments documented in literature [5],[6],[43]. Usually thermal fatigue in form of
combcracks was observed, independent of feed rate, the cutting speed and the depth of cut
[5],[44],[45]. Only Bathia et al. described a combination of process parameters for a certain
test setup under which no tool failure induced by combcracks occurred due to subcritical
thermal or mechanical tool loading [47]. Here, the feed rate and the cutting speed had to be
lower than 0.1 mm/revolution and 1.5 m/s, respectively. In test setup A, see chapt. 3.6. [57],
following machine parameter were used; feed rate of 0.4 mm/revolution and cutting speed
of 220 m/min (3.6 m/s). Despite of the use of higher feed rate and cutting speed, only wear
damage limited the tool lifetime and no combcracks appeared [57]. The machine parameter
intervals for the described process field of tool failure in form of combcracks were also
dependent on the radius of the cutting edge [32]. The combination of protective hard
coatings with a chamfered cutting edge reduces the sharpness of the edge. This leads to an
enlargement of the process parameter field and no tool failure induced by cracks appears
effectively. Bathia et al. mentioned that a milling insert with enlarged cutting edge radius

widened the process parameter field in which wear before fracture occurs [47].

4.1.2 Test setup B

The damage state of the cutting edge tested in test setup B was documented via SEM
investigations of flank and rake faces of selected milling inserts after milling 36.00, 611.73 m
aTWCL and at the end of lifetime after 2854.75 m. Detailed description of the damage state
can also be found in publication Ill.

Flank face surfaces of the milling inserts with 36.00, 611.73 m aTWCL and at end of lifetime
after cutting 2854.75 m are illustrated in Fig. 29 [58].
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Fig. 29: SEM images of the flank face of inserts tested using setup B after a) 35.99, b) 611.73 m, and
c) at end of lifetime 2854.75 m aTWCL. The red arrows in b) and c) indicate detected combcracks.

At early stages of testing crater and flank wear are the dominant damage forms. Some
workpiece material sticking at the cutting edge was visible in the insert with 36.00 m aTWCL,
see lighter grey area in Fig. 29a) [58]. After cutting 611.73 m aTWCL, the first combcrack was
also detectable on the flank face, which is indicated by the red arrow in Fig. 29b). With
increasing test duration, the abrasive wear damage increased and the coating was partially
removed similar to the inserts tested using test setup A [58]. At the end of lifetime the
coating on the tool’s flank face was removed up to a distance of about 250 um off the flank
face surface, see Fig. 29c). The wear damage significantly increases after loss of the

protective coating [58]. The abrasive wear damage is more pronounced in regions around a
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combcrack, see Fig. 29c). A limiting factor regarding lifetime in the current test setup was
that the whole cutting edge was disintegrated in a similar extent as in test setup A [58].

The overview image of the rake face of a used insert with an aTWCL of 36.00 m is presented
in Fig. 30a). The red square in Fig. 30a) shows the detailed surface investigation in Fig. 30b)
and the red line in Fig. 30b) indicates the position of cross section prepared by FIB milling
(see Fig. 30c)) [58].

Fig. 30: SEM micrograph of the rake face of milling insert after 36.00 m aTWCL, using test setup B.
Red frame in a) indicates the location of detailed surface investigations shown in b) with higher
maghnification. Red line in b) indicates the position of FIB cross section illustrated in c). Bright top
layers on top of the FIB cross sections represent protective platinum layer, which was deposited on

rake face prior to FIB cut to produce a smooth FIB cross section.

48



At early stages of the test wear dominates the damage of the milling inserts. Neither on the
surface of the rake face nor in the FIB cross section combcracks were detected in a milling
insert with an aTWCL of 36.00 m [58].

Fig. 31a) shows the cutting edge of insert, which had cut 611.73 m aTWCL under test setup B
conditions. The red arrows indicate the position of the detected combcracks. The small red
square shows the location of surface image with higher magnification positioned at the
upper edge of the chamfer as shown in Fig. 31b). The position of the FIB cross section (see

Fig. 31c)) of the most pronounced combcrack is illustrated as red line in Fig. 31b).

611.73 m _

Fig. 31: a) SEM micrograph of the rake face of milling inserts after 611.73 m aTWCL, tested under test
setup B conditions. Red arrows in a) indicate the positions of detected combcracks. At the most
pronounced combcrack detailed surface investigations were done and the red frame indicates their
location shown in b) with higher magnification. Red line in b) indicates the position of FIB cross
section illustrated in c). Bright top layer on top of the FIB cross section represents protective

platinum layers [58].
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The first combcracks appeared in an insert after an aTWCL of 611.7 m [58]. The combcrack,
which is positioned in the middle, has the most pronounced shattered crack edges compared
to the other cracks edges of the other cracks, which may be an indication for earlier
appearance. The other two combcracks are located about 570 and 630 um away from this
distinctive combcrack. In an used milling insert with an aTWCL of 407.8 m, tested under test
setup B conditions, also a crack around a droplet was detected, see ref. [58]. Cracks which
appear around droplets were possibly created upon tool loading. Tkadletz et al. [74] found a
similar damage formation in an arc evaporated Ti-Al-Ta-N coating after a ball on disc test.

The rake face of a used milling insert at the end of lifetime after cutting 2854.75 m aTWCL is
shown in Fig. 32a). The red square in this overview image indicates the location of the
surface image with higher magnification positioned at the upper edge of the chamfer as
shown in Fig. 32b). Red arrows indicate the location of the detected combcracks. Fig. 32c)
illustrates the cross section prepared by FIB milling with their respective positions indicated
by red lines in Fig. 32b) [58]. The end of lifetime was caused by the appearance of a crack,
which grew parallel to the cutting edge and connected two combcracks. That consequently
increases the risk of complete fracture, see black arrows in Fig. 32a). The dashed red line
indicates the position of an additional FIB cross section (see Fig. 33) of one crack, which grew

parallel to the cutting edge [58].
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Fig. 32: a) SEM micrographs showing the damage state of rake face of an used milling insert tested
under test setup B conditions at end of lifetime (2854.75 m aTWCL). Red square in a) indicates the
location of b) detailed surface investigations with higher magnification. Red lines in b) indicate the
positions of FIB cross sections shown in c). Bright top layers on top of cross sections represent
platinum layers. The dashed red line in b) shows the position of an additional FIB cut, which is
illustrated in Fig. 33. Red arrows in a) indicate the position of detected combcracks perpendicular to
the cutting edge. The black arrows in a) show the position of a crack growing parallel to the cutting

edge that is connecting two combcracks [58].

All investigated combcracks already penetrated in coating and hardmetal substrate, no
earlier stage could be found. The width of the combcrack was about 1 um at the surface and
the end of the crack is not visible; consequently its length is greater than 15 um, see FIB
cross section Fig. 32c). With increasing aTWCL the number of combcracks increased and at
the end of lifetime the insert showed seven combcracks, illustrated Fig. 32a). The FIB cross

section of the most pronounced combcrack shows that both crack flanks and edges were
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shattered and the detected crack opening at the surface was about 6 um [58]. The mean
distance between the combcracks is about 350 um, which is much shorter as the distances in
the early stage. It seems that new combcracks were created between two already existing
combcracks. This result is comparable with the findings of Raninger et al. [75]. However, the
end of lifetime was determined by the partial removal of the coating from the surface in an
area of about 500 x 500 um? (see Fig. 32a)) followed by formation of cracks with growth
planes parallel to the cutting edge (see location in Fig. 32a) indicated by black arrows). This
kind of cracks connecting two combcracks increases the danger of cutting edge breakage.

One of these parallel cracks is shown in Fig. 33 in more detail.

Fig. 33 a) SEM image of an overview of two positions of FIB cross sections on the milling insert at end
of lifetime (2854.75 m aTWCL). In the cross section at the right side (indicated by a black arrow) the
most pronounced combcrack is visible, see Fig. 32a). The left cross section illustrates a crack, which
grew parallel to the cutting edge. b) The left cross section shows a crack with growth direction

parallel to the cutting edge at higher magnification.

The width of the parallel crack was less than one micron and its length was greater than
10 um. Opitz et al. postulated that these sorts of cracks were induced by pure mechanical
fatigue. Milling experiments using heated inserts were applied and no thermal fatigue
damage in form of combcracks but these characteristic parallel cracks appeared at latter
state of application [5].

In another milling insert at the end of lifetime (4057.600 m aTWCL) tested with the same

parameters, EDX mapping was done in FIB cross sections, see Fig. 34.
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_ ot
Fig. 34: a) SEM micrograph of a combcrack in a milling insert tested under test setup B conditions at
end of lifetime after 4057.600 m aTWCL. Determination of the elements b) cobalt within in the

binder phase, c) iron and d) oxygen at the same position as in a).

The dark layer at the hardmetal surface was identified as workpiece material (see Fig. 32c,
Fig. 33b) and Fig. 34c)). The workpiece material is pressed into the combcrack during cutting.
Iron was detected up to a depth of 15 um (see Fig. 34c) and oxygen in the whole crack. The
crack flanks and edges were shattered due to alternating opening and closing of the crack
during the milling operation. In the crack also cobalt (see Fig. 34d) and tungsten carbide
fragments were identified up to high depths.

The scanning acoustic microscopy (SAM) image of the combcrack dimension in the insert’s
volume is illustrated in Fig. 35a). The dashed yellow lines indicate the extension of the
combcrack. The dimensions of the combcrack in the SAM image were compared with the

SEM images of the rake (see Fig. 35b)) and the flank (see Fig. 35c)) face of the milling insert.
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Rake face

Fig. 35: a) Scanning accoustic microscope image of the combcrack within the milling insert, which had
cut 611.7 m aTWCL under test setup B conditions and in which the first combcrack appeared. b) SEM
image of the rake face including the dimension of the first combcrack, and ¢) SEM image of the flank

face with the dimension of the first combcrack.

This comparison shows excellent agreement between the crack extension at the surface and
the ultrasonic image. From those findings, it can be concluded that the combcrack has a
shape to a quarter of an ellipse, see Fig. 35b,c). The total combcrack has reached a depth of
about 0.27 mm from the rake face into the volume. Opitz et al. investigated the dimension
of the combcracks in an uncoated hardmetal milling insert for specific milling [5]. An insert,
which exhibited a high number of combcracks, was divided into two parts via electric
discharge and the cross section was investigated. Due to the high temperatures during
sample preparation, induced by electric discharge, the WC grains on the crack flanks were
oxidized and the dimensions of the combcrack were visible. The shape and extension of the
combcracks found in this work are similar to the dimensions of the investigated combcracks
by Opitz et al. [5].

4.1.3 Evolution of damage in post treated milling inserts

Dry blasted post treated milling inserts were tested under test setup B conditions. Details
concerning blasting parameters were shown in chapt. 3.3.
The inserts show the same damage mechanism and evolution as previously described in

chapt 4.1.2. The detailed SEM investigations of the surface topography of the rake face can
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be found in the own publication, see [55]. The number of combcracks observed in the SEM
as function of aTWCL is illustrated in Fig. 36.
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Fig. 36: Number of combcracks apparent in post treated milling inserts as function of milled
accumulated tool-workpiece contact length. The three different symbols indicate the different

blasting times of 168, 252 and 336 s which was used to post treat the milling inserts [55].

After cutting of 407 m aTWCL, the first combcrack was visible in all inserts independent of
their blasting time. The number of combcracks increased with increasing length of aTWCL in
inserts which were post treated for 252 s and 336 s. In contrast, the insert with the lowest
blasting time developed its second combcrack between 815 m and 1220 m aTWCL [55].

After cutting 2446 m aTWCL all inserts reached the end of lifetime. The blasting duration had
no significant influence on the lifetime. Parallel cracks, which have a growth direction
parallel to the cutting edge (see Fig. 33), were apparent in all milling inserts at end of
lifetime. The insert at end of lifetime, which was blasted for 168, 252 and 336 s, did exhibit

seven, five and six combcracks, respectively [55].

4.1.4 Variation of feed rate and cutting speed

The mechanical and thermal loads are influenced by cutting speed and feed rate. A rise of
the feed rate increases the volume (V = TWCL x cutting depth x feed rate) of workpiece
which has to be cut per contact. Increasing the feed rate from 0.4 to 0.6 mm/tooth, the cut
volume increases per contact from 41 to 62 mm3, respectively. With increasing cut volume

the mechanical loads increase. SEM images of the rake faces of milling inserts, which were
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tested under test set up A conditions in variation of the feed rate are illustrated in Fig. 37.

The red arrows in Fig. 37b,c) indicate the positions of the apparent combcracks.

1932.86 m

A o

R
R

Fig. 37: SEM micrographs of rake faces of used milling inserts tested under the setup A conditions
with increasing feed rate a) 0.4, b) 0.5 and c) 0.6 mm/tooth. Milling tests were stopped either after
appearance of first combcracks (e.g. in b) and c)) or after reaching a critical magnitude of wear

damage (e.g. a)).

No combcracks were found at the end of lifetime in inserts tested under test setup A
conditions, when a feed rate of 0.4 mm/tooth was used. With increasing feed rate,
combcracks appeared before end of lifetime. The milling insert, which was tested with a feed
rate of 0.5 mm/tooth, showed three combcracks after cutting an aTWCL of 1241.14 m. Using

a feed rate of 0.6 mm/tooth fostered the combcrack formation and the first combcracks
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were detected in the insert with 285.59 m aTWCL. These results are comparable with
literature. Bathia et al. described a combination of process parameters with feed rate lower
than 0.1 mm/tooth and 1.5 m/s under which no tool failure induced by combcracks was
observed. An increase of the machine parameters, feed rate and speed, resulted in
combcrack formation [47]. Melo et al. assumed that thermal stresses were more generated
when higher feed rates are used due to the increase of the temperature difference [43].

The influence of the cutting speed at a constant feed rate of 0.6 mm/tooth is illustrated in
SEM images of milling inserts, which were tested with 220 (Fig. 38a) and 250 m/min (Fig.
38b).

285.59 m

s 10um |
B

Fig. 38: SEM images of cutting edges of milling inserts cutting edge tested under test setup A
conditions using a constant feed rate of 0.6 mm/tooth and a varied cutting speed of a) 220 m/min
and b) 250 m/min. Red arrows indicate the position of the combcracks. Milling tests were stopped
after appearance of first combcracks. In b) a combcrack was detected, which did not reach the

cutting edge, indicated by the blue arrow.

First combcracks were observed after 285.59 m aTWCL in the inserts, tested with a cutting
speed of 220 m/min whereas in the inserts, tested with a speed of 250 m/min the first
combcracks were already detected after 64.60 m aTWCL. An increase of the cutting speed
thus fostered the combcrack formation. These results correspond well with the findings in
literature [43],[47]. The milling insert, which was tested with a speed of 250 m/min, did
exhibit two combcracks including one, which did not reach the cutting edge, see red arrows
within the rake face in Fig. 38b). As assumed it seems that the combcracks start at the rake
face some distance away from the cutting edge and grow into the depth and towards the
cutting edge perpendicular to the rake face. Some authors in the literature also assume that
the site of crack initiation is located at the hottest point on the rake face [5],[43] followed by
growth towards the cutting edge [5],[43],[76].
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4.2 Residual stress evolution in substrate and in coating

In the following sections the position resolved residual stress evolution of the WC phase and
of the Ti-Al-Ta-N coating as function of the accumulated tool-workpiece contact length
(aTWCL) is illustrated. Details regarding the complete residual stresses in the WC phase and
Ti-Al-Ta-N coating were described in own publications I-lll, V [57]-[59],[64].

4.2.1 Position resolved synchrotron measurements

Residual stresses in the WC phase parallel to the cutting edge of selected milling inserts with
zero, 0.102, 0.514 and 51.440 m aTWCL using test setup A were characterized in a position-
resolved manner within a rectangular area indicated in Fig. 17 via synchrotron X-ray
diffraction [59]. The corresponding two-dimensional distribution of the residual stress

component in the direction parallel to the cutting edge is presented in Fig. 39.
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Fig. 39: Residual stress maps of milling inserts in the WC phase in x-direction with a) 0, b) 0.102 m
accumulated tool-workpiece contact length (aTWCL), c¢) 0.514 m and d) 51.440 m aTWCL using
milling setup A (see details in chap 3.4). [59]. Black dashed lines indicate the position of the residual

stresses profiles in x-direction in Fig. 40.

Predominantly compressive residual stresses were observed in the WC phase of the virgin
milling insert (see Fig. 39a)). As seen in Fig. 39b) and c) the residual stress state of milling
inserts with 0.102 m aTWCL and 0.514 m aTWCL, which corresponds to two and ten
contacts, showed buildup of a tensile residual stress state as indicated by the increased
fraction of orange areas [59]. However, after 51.440 m aTWCL (1000 contacts) significant
tensile residual stresses developed parallel to the cutting edge in an area of approximately

0.3 mm x 1.6 mm. The center of significant tensile residual stress buildup is located about
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0.4 mm away from the straight portion of the cutting edge [59]. The residual stress profiles
in x-direction along the black dashed lines parallel to the cutting edge indicated in Fig. 39 are

presented in Fig. 40.
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Fig. 40: Residual stress profiles in x-direction obtained from horizontal sections of residual stress
maps in milling inserts as indicated by black dashed lines in Fig. 39: (a) 0, (b) 2 cuts (0.102 m aTWCL),
(c) 10 cuts (0.514 m aTWCL) and (d) 1000 cuts (51.44 m aTWCL) using milling setup A [59].

The residual stresses in the WC phase of the virgin milling insert were mainly compressive.
This result corresponds to findings of neutron diffraction experiments of uncoated
hardmetal specimens from literature [77]. There were no significant changes of residual
stress state in specimens with 0.102 m (two cuts) and 0.514 m (10 cuts) aTWCL. Most of the
detected residual stress values were still mainly compressive (see Fig. 40b) and Fig. 40c)).
However, significant tensile residual stresses of about 1000 MPa were observed in the
specimen with 51.440 m aTWCL, which corresponds to 1000 cuts, on a length of scale of
about 1.6 mm (see Fig. 40d)). Please note that the uncertainty associated with the measured
value is about 900 MPa. For testing under test setup A conditions, more than ten tool-
workpiece contacts are required to build up significant tensile residual stresses on the rake
face of the inserts [59].

The corresponding two-dimensional distribution of the residual stress components oriented
normal to the cutting edge for the same inserts at the virgin state and after 0.102, 0.514 and
51.440 m aTWCL is presented in Fig. 41.
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Fig. 41: Position resolved maps of residual stress in the WC phase in direction perpendicular to the
cutting edge (y-direction) in milling inserts with a) 0, b) 2 cuts, which corresponds to 0.102 m
accumulated tool-workpiece contact length (aTWCL), c) 10 cuts (0.514 m aTWCL) and d) 1000 cuts
(51.440 m aTWCL) using milling setup A. The lower boundaries of the stress maps correspond to the
straight portions of the cutting edges of the inserts. Black dashed lines indicate position of residual

stresses profiles in y-direction in Fig. 42.

The insert at the virgin state exhibited compressive residual stresses acting normal to the
cutting edge in the WC phase (see Fig. 41a)). After two, ten and 1000 cuts there was no
significant stress change. Most of the fractions were green and blue colored, which indicates
a compressive residual stress state. Only a slight increase of the amount of orange fractions
in the insert with 51.4 m aTWCL was observed within the ROI (see Fig. 39d).

Some areas of the inserts’ surfaces, especially the rims, did exhibit a high amount of violet
and black coloured fractions (cf. Fig. 41) which correspond to high tensile and compressive
residual stresses at the respective positions. These findings were not trustable and were thus
not considered for further interpretations. Using this test setup, at low tilt angles ¢ the
incident beam penetrated the whole sample area at the same incidence angle 0 if symmetric
incident and diffracted beam are assumed. At higher tilt angles ¢ (see Fig. 16b)) there is a
shadowing effect at the rim of the specimens. Calculations of residual stresses resulted in
high compressive and tensile stress values with an associated uncertainty higher than
1500 MPa. The local variations of residual stresses acting normal to the cutting edge along

the black dashed lines indicated in Fig. 41 are presented in Fig. 42.
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Fig. 42: Profiles of the residual stresses in y- direction in the WC phase obtained from residual stress
maps in millings inserts at positions indicated by dashed lines in Fig. 41: a) at the virgin state, and
after b) 0.102, c) 0.514 and d) 51.440 m aTWCL using milling setup A.

At early stages the residual stresses in the direction normal to the cutting edge were mainly
compressive. No significant increase of residual stresses or a build-up of tensile residual
stresses within the ROl was observed with increasing aTWCL up to 51.44 m. These findings
by and large confirm the assumption of Opitz et al. [5] that tensile residual stresses act
parallel to the cutting edge. The mean compressive residual stress values in inserts with 0,
0.102, 0.514 m aTWCL are comparable with the values of uncoated WC-Co specimen [77].
Please, keep in mind that inserts had cut 0.102 and 51.440 m aTWCL residual stresses, which
were coordinated 5500 and 5000 pum in x-direction, respectively were not trustable because

of limitations resulting from test setup.

4.2.2 Residual stress in WC and TiAIN phase determined by X-ray
diffraction

The evolution of residual stresses in the ROI (see Fig. 39d)) of milling inserts using test setup
A is presented in Fig. 43 as function of aTWCL. The test setup for residual stress

measurements is described in chapters 3.10.2. and 3.10.3.
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Fig. 43: Residual stress of the WC phase in the direction parallel to the cutting edge of inserts tested

under test setup A conditions as function of accumulated tool-workpiece contact length [57].

Compressive residual stresses of -850 + 270 MPa were detected within the ROl in the virgin
milling insert. This corresponds well with the results of synchrotron residual stress
measurements in [59] and the results of neutron diffraction experiments of uncoated
hardmetal specimens, described in [77].

In the early stages of cutting the residual stresses in the WC phase changes dramatically
within the ROI. After an aTWCL of about 0.51 m the compressive residual stresses were
reduced to a value of approximately -140 + 120 MPa. Already after 25.72 m aTWCL, tensile
residual stresses of about 300 + 80 MPa were observed. The highest tensile residual stresses
of 930+ 230 MPa were detected in a milling insert that had 51.44 m aTWCL which
corresponds to 1000 contacts. This detected value is comparable with the value of about
1000 MPa found in exactly the same specimen via synchrotron X-ray diffraction [59]. After
about 500 m aTWCL the tensile residual stresses were decreased to a plateau value of about
500 MPa which remains constant until the end of tool lifetime [57].

The residual stress states in the Ti-Al-Ta-N coating was calculated according to the modified
fundamental relation (see Equation 6) described in [63] from the regression in a diagram
strain vs. sin’y. The inserts were tilted along angle . Only the stress component parallel to
the cutting edge was considered. In Equation 6 the Young’s modulus is indicated as E, o

corresponds to the apparent residual stresses in one direction, and v is the Poisson ratio.
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Equation 6: Fundamental relation between strains and stresses acting in one direction [63]. E and o
correspond to the Young’s modulus and residual stress in the observed direction and v is Poisson

ratio.

E(p) = ?*G*SiHZIIJ-I-%*[—Z*V*G]

Equ. 6

The slope o x (1 +v) / E in a strain vs. sin2y diagram can be interpreted as the residual stress
in units of the reciprocal X-ray elastic constant E / (1 + v). The residual stress in units of

reciprocal X-ray elastic constant E / (1 + v) as function of aTWCL is presented in Fig. 44.
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Fig. 44: Residual stresses in the direction parallel to the cutting edge determined in the Ti-Al-Ta-N
coating within the ROI on the rake face of milling inserts tested under test setup A conditions. The
parallel component of the residual stresses was determined using cover method [57] with lead as

cover material [64].

Compressive residual stresses of about -7.2x 10> xE /(1 +v) were found in the virgin
specimen. The residual stress value of the virgin insert can be varying between -2
and -3.11 GPa depending on the used elastic constants. A quantitative discussion of the XRD
results requires a consideration of the uncertainties resulting from the elastic constants of
the coating material, which depend on the exact chemical composition and on the
anisotropy (texture) of the coating [63], see details in own publication V [64].

In this test setup, the residual stresses remained in compression in a range

from-1.6 x 10310 -11.0x 103 x E/ (1 + V) throughout the whole tool lifetime.
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The evolution of residual stress in the WC phase over the complete tool life of milling inserts

tested using test setup B is illustrated in Fig. 45.
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Fig. 45: Residual stresses of the WC phase parallel to the cutting edge within the region of interest
(ROI) as function of accumulated tool-workpiece contact length (aTWCL) in inserts tested using test

setup B. The open square represents an insert where the first combcracks were observed [57].

At very early stages of testing, the residual stress evolution in the milling inserts, tested in
test setup B, is comparable to residual stress evolution of inserts, tested in test setup A. The
compressive residual stresses in the virgin insert changed to tensile after a few meters of
aTWCL for both conditions. The insert with an aTWCL of 2.4 m tested under test setup B
conditions already showed tensile residual stresses of 540 + 360 MPa (see Fig. 45) [58]. After
1000 tool-workpiece contacts, which correspond to an aTWCL of 36 m the highest tensile
residual stresses of about 930 + 230 MPa were detected.

The measured value corresponds well with the results of synchrotron measurements
published in [59] and the residual stress state of insert with aTWCL of 51.4 m, tested under
test setup A conditions [57], see Fig. 43. Until 500 m aTWCL the residual stress evolution was
comparable in inserts tested using test setup A (see in chap. 4.2.2) and B. A milling insert,
which cut 500 m aTWCL, did exhibit tensile residual stresses of about 400 MPa. These values
are in the same range as the residual stress plateau value of test setup A (see in chap. 4.2.2).
After 611 m aTWCL the first combcracks appeared in the ROl of an insert tested under test
setup B conditions (see open circle in Fig. 45). The detected residual stresses decreased
significantly to a value of about 100 MPa [58] as a consequence of cracking. At the end of

lifetime, the residual stress state is compressive at a value of -310+ 190 MPa. Thermal
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fatigue in form of combcracks determines lifetime. The decrease of tensile residual stresses
can be explained by relaxation of tensile stresses around the apparent combcracks [75].

The residual stress evolution of the Ti-Al-Ta-N coating of selected milling inserts, tested
under test setup B conditions, in units of reciprocal X-ray elastic constant E / (1 + v) as
function of aTWCL is illustrated in Fig. 46. More details concerning these residual stress

measurements of the coating are given in Publication V.
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Fig. 46: Residual stress determined in Ti-Al-Ta-N coating parallel to the cutting edge of milling inserts

tested using test setup B [64].

The residual stresses in milling inserts, tested using test setup B, changed after cutting of few
meters of aTWCL. After 1000 tool-workpiece contacts, which correspond to 36 m of aTWCL,
tensile residual stresses of about 6.07 x 10> x E / (1 + v) were determined. In a specimen,
which cut 407.8 m aTWCL, tensile residual stresses were observed to have increased to
about 16.9 x 103 x E/ (1 + v). The specimen which contained the first detected combcrack,
the residual stress state was found to be in tension. In test setup B, the coating and the WC
phase did exhibit tensile residual stresses which possibly promoted the nucleation and
growth of combcracks.

In contrast to the evolution of residual stress observed in the WC-Co substrate, the tensile
residual stresses in the coating did not decrease when the first combcrack appeared. In the
WC phase the found tensile residual stresses decreased and at end of lifetime the residual
stress state was compressive [57]. This absence of decrease in tensile stresses after
appearance of combcrack may be explained by the existence of inhomogeneities in an arc

evaporated coating, e.g. droplets [78]. After a ball on disc test Tkadletz et al. found cracks
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around droplets induced by shear stresses [74]. In both test setups, arising cutting forces
may foster the introduction of this kind of cracks. However, if they are present in the
coating, their orientation, density and / or distance to one another [75] did not lead to

decrease the observed residual stresses to zero in both test setups (see Fig. 44 and Fig. 46).

4.2.3 Residual stresses in coating determined in enlarged region of
interest

To document the position of the significant tensile residual stresses in the coating at a later
point in the test, an additional residual stress measurement was done within an enlarged
ROl (0.6 x 1.6 mm?). The result is compared with the results of measurements in ROI
(0.3 x 1.6 mm?, filled squares in Fig. 47), which were already described in pervious chapter,
and it is shown in units of reciprocal X-ray elastic constant E / (1 + v) indicated as open
square in Fig. 47.
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Fig. 47: Residual stress determined in a Ti-Al-Ta-N coating in direction parallel to the cutting edge of
milling inserts tested under test setup B conditions. Both, results of residual stress measurements
determined within ROI (0.3 x 1.6 mm?, filled squares) (see Fig. 46 [64]) as well in the enlarged ROI

(0.6 x 1.6 mm?, open square) are shown.

By comparing results from the smaller (0.3 x 1.6 mm) and the enlarged ROI (0.6 x 1.6 mm) in
one and the same specimen, the residual stresses, determined in the enlarged ROI (see
dashed red rectangle in Fig. 19), showed a value close to zero (see open rectangle in Fig. 47).
This finding can be interpreted as an averaging of tensile and compressive residual stresses

inside and outside of the ROI as it seems to be present in the WC phase based on the
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position resolved residual stress measurements using synchrotron radiation (see cf. Fig. 39 in
[59]). This result also corresponds well with the positions in the simulation, in which high

temperatures and stresses are apparent, see Fig. 59.

4.2.4 Residual stress states of post treated milling inserts at early
application

The residual stresses in the WC phase of post treated unused and used inserts, which had
cut 36 m aTWCL under test setup B conditions, are illustrated as a function of dry blasting
time in Fig. 48. The residual stress state of an insert after coating deposition without
additional dry blasting post-treatment is included as reference in Fig. 48 [55]. A detailed

description can also be found in own publication IV.
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Fig. 48: Residual stress in WC phase as function of dry blasting time: Black squares indicate the
residual stress values measured in the ROI of inserts after post-treatment by means of blasting
without any tool-workpiece contacts. Grey squares represent results from used inserts with 36 m of

accumulated tool-workpiece contact length (aTWCL) [55].

After coating deposition the WC phase of the reference insert without any additional post
treatments exhibits compressive residual stresses of about -570 MPa [55]. All post treated
inserts in the virgin state show compressive residual stresses [55]. The increasing dry blasting
time does not influence significantly the residual stress state of the inserts: A value of
residual stress of -600 MPa being very similar to the one from the non-blasted reference was
observed in the unused insert with the lowest dry blasting time of 168 s. After 252 s of dry
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blasting, a compressive residual stress state in the unused insert of about -1000 MPa was
determined. Whereas, the virgin insert with 336 s of dry blasting time exhibits a compressive
residual stress state of about -130 MPa [55]. This low compressive residual stress value may
be an indication for plastic deformation in the substrate, induced by a too long blasting
process. The magnitude and/ or region of plastic deformation have to be small because no
cracks or fragmentation of the coating was apparent on the rake face after blasting process.
This sort of damage is an indication for plastic deformation in substrate material, see the
detailed SEM investigations of the surface topography of the rake face in the own
publication IV, see [55].

After cutting 36 m aTWCL, all inserts exhibit tensile residual stresses. This tendency was also
observed in inserts without any additional post treatments; see in the previous chapters
4.2.1 and 4.2.2. With increasing blasting time the detected tensile residual stresses increase
from 300 MPa to 1900 MPa. It seems that short blasting times decelerate the tensile residual
stress build-up after a certain number of tool-workpiece contacts compared to longer

blasting times [55].

4.2.5 Discussion of uncertainty in residual stress measurements by X-
ray diffraction

The uncertainty of the residual stress measurements arise from several factors: Position and
size of ROI, non-linear evolution relationship between strain and sin2¢ and unknown X-ray
elastic constants (1/2 s,= (1 + v) / E) [63].

The position of the uncovered area might have varied 30 um in horizontal and vertical
direction. A deviation of position has influence on the detected residual stress value. The
apparent tensile residual stresses are localized in specific areas on insert’s rake face, see in
chapters. 4.2.1 and details in own publication | [59]. Due to the small size of the ROI, the
intensity of the diffracted beam is low. This measurement region is further decreased, when
the sample is tilt due to the shadowing effect induced by the use of the metallic foils. This
fact is pronounced effective in residual stress determination of the Ti-Al-Ta-N coating. The
summarized thickness of the metal foil and the double-face adhesive tape was higher than of
the brass foil used for residual stress measurements in the substrate [57],[64]. All detected
strains had a linear regression in the diagram strain vs. sin2¢) and the elastic data for
calculation of X-ray elastic constant 1/2 s, of pure WC are well known [9].

The X-ray elastic constants of the Ti-Al-Ta-N coating are unknown in the open literature. In
contrast X-ray elastic constants of the pure TiN and AIN phases are well-known [79],[80]. The
X-ray elastic constants can be determined experimentally via tension or bending tests, in
which loadings in one direction are effective [63]. The data can also be calculated

numerically by means of first principle density-functional theory [81]. The influence of the X-
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ray elastic constants on the residual stresses are described in own work, see details in
publication V.

A possible texture or inhomogeneities in form of microscopic pores in the coating can also
influence the regression in a diagram strain vs. sin2y. The residual stresses cannot be
calculated according to Equation 6 when the relationship is not linear. Pure Ti-Al-N exhibits a
preferred growth direction in the (100) orientation. Alloying with Ta results in a mixed
(100)/(111) orientation as preferred growth direction, which Kathrein et. al determined for a
similar Ti-Al-Ta-N coating as used within this work [17]. The effect of texture can be
negligible for the Ti-Al-Ta-N coating, which was used within this work. The determined linear
relationship of all measurements let to the conclusion that the influence of microscopic

porosity was not significant.
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4.3 Estimation of cutting temperature

The following chapter gives an overview how the insert temperature near to the cutting
edge and in an area located some distance away from cutting edge was estimated. The in
directed investigation were done via microstructural investigations of a steel chip of the
42CrMo4 (1.7225) steel workpiece and the results of the cutting modeling via finite elements
simulation. Additionally, temperatures were directly determined at the areas around the

wear track on the tool’s rake face by the color change of the used thermo chalk.

4.3.1 Investigations on chips

A longitudinal light optical microscope (LOM) cross section of a steel chip was prepared for
microstructure investigation. Fig. 49 shows the top and side view of the chip. The red dashed

line Fig. 49 indicates the position of the longitudinal section, see Fig. 50.

Fig. 49: Images of a 42CrMo4 steel chip, which was created during milling. a) Top view, b) side

view - dashed red line indicates position of longitudinal section, presented in Fig. 50.

The chip was partially blue colored and curled. At 300 °C low carbon steel changes the color
from silver gray to blue due to oxidation in air [82]. This found color indicated that the chip
temperatures have reached at least 300 °C during milling. Probably the temperature is much
higher than 300 °C because the chip is rapidly cooled after its generation which results in a
very short time for oxide growth.

The used machine parameters within this work (see chapter 3.6) created this specific shape
of the 42CrMo4 steel chip. The shape of the chip is influenced by the yield strength of the
material and by the machining parameters [83]. Abel [83] showed the influence of the
machine parameters on the shape of a Ck45 steel chip. The produced chip has a similar

shape as the Ck45 steel chips, described in [83]. There, a feed rate, cutting speed and cutting
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depth of 0.53 mm/rev., of 200 m/min and 3 mm, respectively, were used [83]. A Ck45 steel
exhibits a minimum Rpg, of ~ 370 MPa according to [84]. These machine parameters were
similar as these machine parameter used within this work [83]. A different shape of the chip
may be an indication for another insert’s geometry and/or inhomogeneities in the workpiece
material [83]. The longitudinal section of a chip is shown in Fig. 50. For detailed
investigations of the microstructure 5 different positions were chosen, which were indicated
by coloured rectangles in Fig. 50.

The chip thickness was not constant because of the change of the feed rate direction angle ¢
during cutting. The chip thickness is dependent on feed rate, feed rate direction angle ¢,
working diameter and engagement [26], which was within this work 20 mm (see Fig. 13).
Other machine parameters remained constant during the whole cutting process. Due to the
use of climb-cut milling within this work, the chip thickness is very broad at the beginning of

the cut (see Pos.1 in Fig. 50). With increasing cut duration the chip thickness decreases.

Fig. 50: LOM image of longitudinal section without etching. Red arrows indicate the upper and lower
side of the chip for determination of the chip length. Colored rectangles define the different
positions of the detailed LOM investigations. For better visualization of the microstructure the areas
of detailed investigations were etched by nital solution. The small black rectangle in Pos. 3 indicates

the position of the SEM investigation, shown in Fig. 51.

The chip length on the upper and lower side was 31.2 and 25 mm respectively, see Fig. 50.
These determined lengths were shorter than the tool-workpiece cutting length of about

51.4 mm, due to compression during the chip formation. Fig. 50, the positions one, two and
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three show zones of high deformation, so-called shear zones, in which no original ferrite-
pearlite structure was detectable and the workpiece material was deformed [24]. Next to
these shear zones there are zones, in which the workpiece material is less deformed and
parts of the original microstructure were visible. Shear zones are also detected in positions
four and five (see in Fig. 50). At these positions four and five no parts of less deformed
ferrite-pearlite microstructure were detected. This result is comparable with findings in
literature [72]. Detailed intersection between a shear zone and original microstructure is
shown a SEM micrograph in Fig. 51. The position is indicated in Fig. 50 as black rectangle in
Pos.3 at the middle of the chip.

less deformed
microstructure

Fig. 51: Detailed SEM micrograph of indicated in Pos. 3 in Fig. 50 in a longitudinal section of the chip.
The area between the dashed lines indicates the strong deformed shear zone. Areas outside are
characterized by less deformed ferrite-pearlite microstructure. Black arrows indicate position of

partially formed spherical perlite structure.

Fig. 51 illustrates a strong deformed shear zone and a less deformed zone, in which original
pearlite and ferrite phases are still visible. In the strongly deformed shear zone, the original
pearlite and ferrite has changed to strongly elongated structure. Some cementite lamellas of
original pearlite structure were partially transformed to spherical shape (see black arrow in
Fig. 51). In each position of the longitudinal section no martensitic phase was observed. The

absence of martensitic structure may indicate that the temperature of the chip was not
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higher than 911 °C and/or not enough time was given to stay at this temperature [85], in

which austenite structure can form [72],[85].

4.3.2 Temperature measurements using thermo chalks

Two selected milling inserts were prepared either by an orange or by a green thermo chalk.
They cut a distance of 15.12 m aTWCL under test setup A conditions (details see in chapt.
3.6). Temperatures, which are apparent close to the wear mark on rake and flank face, can
be determined by the colour change of the thermo chalks at a certain temperature (details
see in chapt. 3.8). Fig. 52 illustrates the rake faces of the two milling inserts prepared with
orange (Fig. 52a)) and green thermo chalk (Fig. 52b) after cutting. Additionally, the flank face

of the orange coloured milling insert is shown in Fig. 52c).
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Rake face

| 1.17 mm

Rake face

Fig. 52: LOM images of used inserts after cutting of 15.12 m aTWCL, which surfaces were prepared
with an orange thermo calk - a) rake face and c) flank face of the insert. White, black and grey arrows
in a) and c) indicate regions, in which orange thermo chalk change the colour to white, black and
grey, respectively. b) Rake face of a used milling insert prepared by green thermo chalk after cutting
of 15.12 m aTWCL.

Due to contact of the workpiece with the milling insert during chip formation, the thermo
chalk was removed up to a distance of about 890 um on the rake face and of about 461 pm

on the flank face from the cutting edge, sees Fig. 52a).
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The colour change of the thermo chalk documents the apparent mean temperature of
cutting of 1.5 cut segments under test setup B conditions (see detail in chapt. 3.6), which
lasts 45 s. The mean temperature increases within the first 21 s due to the entry of the tool
and milling under constant conditions with a constant cutting duration of 14 ms. Within the
next 10 s the mean temperature decreases due to the exit of the tool. After, no heat impact
is given for duration of two seconds because the miller moves from end to start position. In
the last 10 s of application the mean temperature increases again due to the entry of the
tool.

The colour of the chalk changes when the specific temperature is reached and remained for
at least two seconds. This reaction can be accelerated when higher temperatures are
reached [42]. This may be happened during the contact of the milling insert with the
workpiece.

On the rake face of the orange coloured insert a white coloured area was detected, which
was located between 0.89 and 1.07 mm from the cutting edge (see Fig. 52a)). The change of
the colour from orange to white indicates rake face’s surface temperatures higher than
505 °C during cutting. Additionally, on the milling insert’s rake face, a black coloured region
between 1.07 and 1.17 mm away from cutting edge and a grey coloured area behind located
(1.32 mm away from cutting edge) were observed, see Fig. 52a). The black and grey colours
indicate apparent temperatures of about 335 °C and 245 °C. On the flank face (see Fig. 52b)),
no white areas were observed but a grey coloured area located 0.46 mm away from the
cutting edge was detected.

Temperatures higher than 600 °C were not determined via green thermo chalk because a
colour change into white was not detected on milling insert’s rake face, see Fig. 52c). The
exact temperatures at the region in which the insert is in contact with a normalized
42CoMo4 steel workpiece material for milling applications are hardly available in literature.
Trent et al. [72] mentioned that temperatures of about 900 °C can appear in TiN coated M34
high speed steel tools.
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4.4 Thermo-physical and thermo-mechanical properties of the

hardmetal grade

4.4.1 Thermo-physical properties

Within this work, the thermal diffusivity (a) and the thermal conductivity (A), the linear
thermal expansion coefficient (a) and the heat capacity (c,) were determined and illustrated

in Fig. 53 and Fig. 54. The measurement uncertainties are discussed in chapt. 3.11.
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Fig. 53: Thermal diffusivity, thermal conductivity and heat capacity of hardmetal as function of

temperature.

Thermal diffusivity and conductivity decrease with increasing temperature whereas the «a
and ¢, increase. The RT values of the a, A and ¢, for hardmetals are available in the open
literature [1],[86]. At higher temperatures only data of pure WC and Co were documented.
Within this work the used hardmetal, which exhibits a Co content of 8 wt.%, exhibits an a
value of 32.46+0.65mm?/s, a A value of 95.07 + 8.56 W/mK and a c, value of
0.19 +0.01 J/gK, respectively at RT.

This findings correspond well with findings of a hardmetal grade with 6 wt.% Co, where
values for a of 32 mm?/s, A of 105.6 W/mK and c, of 0.22 J/gK were detected [86]. According
to Brooks [10], the A values of a hardmetal grade with 8 wt.% Co may vary between 75 and
120 W/mK. Other literature sources document the A range from 70 to 120 W/mK for
different hardmetal grades [1],[87]. Brooks et al. determined for hardmetal grades with

8 wt.% Co heat capacity values from 0.20 to 0.22 J/gK at room temperature [10].
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Fig. 54: Linear thermal expansion coefficient of the hardmetal is shown.

In literature the linear thermal expansion coefficient is reported to vary from 5.8 x 10°K™ for
a temperature difference between RT and 800 °C to 5.9 x 10°K™? for RT and 600 °C for a
hardmetal grade with 8 wt.% Co [9],[10]. The detected thermal expansion coefficient values
are slightly lower than literature data, see Fig. 54. Between RT and 600 °C the hardmetal
grade exhibits an a of about 5.3 x 10-6 K-1, and between RT and 800 °C a value of about
5.5x 10°K™. The used hardmetal exhibits 2 wt.% mixed carbides in form of TaNbC.
According to Schedler, an addition of mixed carbides in hardmetal leads to a decrease of the

linear expansion coefficient [9].

4.4.2 High temperature elastic properties

The Young’s — (E) and Shear modulus (S) and the Poisson’s ratio (v) of hardmetal grade are
presented as function of the temperature in Fig. 55. The measurement uncertainties are

discussed in chapt. 3.11.
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Fig. 55: Young’s - and shear modulus and the Poisson’s ratio values of the hardmetal with increasing

temperature [88].

At room temperature the hardmetal exhibits Young’s - and Shear moduli of about 599 and
247 GPa, respectively [88]. The Poisson’s ratio of about 0.208 was calculated indirectly using
E and G values [88] according Equation 4. Young’s modulus decreases linearly from 599 to
552 GPa at temperatures between room temperature and 800 °C. Above 800 °C, the
decrease becomes more pronounced. At temperatures of about 1100 °C the Young’'s
modulus is about 458 GPa [88]. In contrast, G decreases accordingly and v remains almost
constant over the whole temperature range from room temperature to 700 °C. At 700 °C the
hardmetal exhibits a G of about 230 GPa and a v of about 0.214 [88].

The findings correspond well with room temperature values reported in literature
[9],[89],[90]. Brooks mentioned in his work E and G values of about 600 and 230 GPa,
respectively, and a v of about 0.22 for a hardmetal grade with 8 wt.% Co [10].

Elastic property data at elevated temperatures are rarely available. Blumenthal determined
the elastic properties of a hardmetal grade with 9 wt.% Co for temperatures up to 500 °C.
The values were slightly lower compared with data of the current work. At 500 °C £ and G

are reported to be about 546 and 226 GPa, respectively, and a v of about 0.204 [91].

4.4.3 Temperature dependent flow curves

The compressive flow curves and the compressive yield strengths (Rpp) of the selected

hardmetal grade were determined at temperatures of 400, 600 and 800 °C in Fig. 56. Please
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note that the under used compressive loadings, most samples did not fracture either after

having reached the maximum load.
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Fig. 56: a) Compressive flow curves of the used hardmetal grade at 400, 600 and 800 °C. b)
Compressive yield strength value R, for 0.1 and 0.2 plastic strain. All experiments were carried out

using a strain rate of 5 x 103 1/s.

The hardmetal shows a remarkable strain hardening at all temperatures. Plastic deformation
starts at lower stress values at higher temperatures, see in Fig. 56. Rpg> decreases with
increasing temperature from -2656 at 400 °C to -1250 MPa at 800 °C. The measurement
uncertainties are discussed in chapt. 3.11.

Some authors determined the flow curves via 3 point testing with a strain rate of 1.6x10° s
at elevated temperature [92],[93]. They detected flow curves up to a strain value of 0.5 % for
a hardmetal grade with 11 wt.% Co at 1000 °C [92]. The stress-strain values are smaller but
in a similar range as the determined stress- strain values of the flow curve at 800 °C [92].
Milmann et al. investigated the HT hardness of WC-Co. The temperature dependence of the

hardness is similar to that of the flow curves [94].

4.4.4 Fracture toughness as function of temperature

The fracture toughness (Kc) of the hardmetal grade A is presented as function of
temperature in Fig. 57.

79



-
&)

=

Fracture toughness [MPavm]
o @ © 3 3B R

0 100 200 300 400 500 600 700 800 900
Temperature [°C]

Fig. 57: Fracture toughness of WC 8 % Co - mean values from results of three experiments [88].

Kic remains constant at a value of about 11.5 MPavm at temperatures from room
temperature to 500 °C. Between 500 and 700 °C K¢ decreases to about 10 MPavm (see Fig.
57a)) [88].

At RT the detected Kjc values are higher than the value of 9.2 MPavm of a finer grained
hardmetal grade with similar amount of Co binder [95],[96]. According to literature at RT the
fracture toughness increases with increasing mean WC grain size, detected for hardmetal
grades with mean WC grain size from 0.5 to 9 um [96]-[98].

At temperatures from 300 to 600 °C the determined K;c values are comparable with results
from literature [98]. At higher temperatures the results from this work are comparable with
Kic values of hardmetal grades with higher Co content and WC grain size (15 wt.% Co,
1.7 um) [99].

The mixed carbide content may also influence the K¢ values at elevated temperature. A
hardmetal grade with 9 wt.% Co and a high mixed carbide content of 35 wt.% exhibited an
almost constant Kjc up to 1000 °C [99].
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4.5 Comparison of measured temperatures and stresses with FE

simulation

The thermo-physical and —mechanical data determined in this work were used as input data
for FE simulation done by I. Krajinovi¢ et al. [34]. This gives the opportunity to estimate the
cutting temperature and load evolution at the cutting edge. The results of the simulation are
compared in this chapter with the results of the real milling experiment.

Keep in mind, in the simulation model one cut took 8 ms and the idle lasted 96 ms [34]. In
the real experiment one cut and idle under constant cutting conditions (equal as in test
setup A arrangement) took 11 ms and 96 ms, respectively, see details in chapt. 3.6. The
temperature evolution of five cut-idle cycles in six different positions on the rake face (see
Fig. 58a)) of the milling insert is presented in Fig. 58b) [34]. The first cut-idle cycle is
presented in detail in Fig. 58c). In the simulation the contact length between chip and milling
insert is 1370 um within the first 5 cuts [34]. This modelled contact length is larger than the

detected contact length of about 508 um in the experiment, see details in chapt. 4.1.1.
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Fig. 58: a) Schematic image of the milling insert used in the finite element simulation- red lines
indicate the six positions and/or elements with different distances away from chamfered edge (CE),
in which temperature data and stress data were generated via finite elements simulation [34]. Blue
line indicates position of cross section, in which stresses in depth are shown in Fig. 60. b) Modelled
temperatures for five cut and idle cycles using the material data of the hardmetal (see chap. 4.4) and
the Ti-Al-Ta-N coating [100], and c) temperature evolution during the first cut and idle cycle at the six

different positions on the rake face [34].

The temperature evolution within the first five cycles is comparable to literature, see Fig. 8
[43].

During cutting, the insert heats up exponentially, after 7 ms the temperature reaches the
maximum, and after 8 ms the temperature decreases exponentially because the idle starts.
After 40 ms the temperature reaches a plateau value. The next cut starts after 110 ms and
the temperature increases again [34]. After 10 ms cutting the maximum temperature of
about 990 °C is calculated within first cycle for an element located 1032 um away from

chamfered edge (CE), see Fig. 58c). During idle the temperature decreases to a plateau value

82



of about 345 °C [34]. Between heating and cooling, the temperature difference on one
position of the rake face may become as large as 700 °C. The apparent mean temperatures
of about 500 and 300 °C in elements located 1376 um and 1720 um away from chamfered
edge are in a similar range as the estimated temperatures using thermo chalks. The
calculated temperatures increase within these five cut-idle cycles (see Fig. 58b)) [34].

Within the first five cut-idle cycles the evolution of induced stresses, which act parallel to the
cutting edge, on the same six positions on the chamfered cutting edge are shown in Fig. 59

[34].
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Fig. 59: Induced stresses acting parallel to the cutting edge at six different positons (same position as
for temperature evolution, see Fig. 58) on the surface of the coating at the cutting edge for 5 cutting

cycles modeled via finite element simulation [34].

Within the first cut the compressive stresses acting parallel to the cutting edge are formed
and reach their maximum after 8 ms. The cross section of the rake face shows the stress and

their range in the depth after first cut (8 ms), see Fig. 60 [34].
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Fig. 60: Stress distribution in the cross section of a milling insert at the end of the first cut (after
8 ms). Coloured areas indicate the effective stresses acting parallel to the cutting edge after first cut.
Red squares indicate positions of elements at the chamfered edge (CE), 344 and 688 um away from

CE, which are indicated in Fig. 58 as red rectangles [34].

During the first idle these induced compressive stresses decrease. However, after the first
cut-idle cycle the simulated stresses of all position are in compression. During the second cut
the compressive stress build up repeats again in all investigated elements on the rake face,
see Fig. 59. After the second cut the simulated induced stresses are shifted towards tensile
at the end of the second idle period. The stresses in the finite element located 344 um away
from chamfered edge increase linearly with progressive idle time whereas in the element,
located 688 um away from the chamfered edge tensile stress of 240 MPa are effective
during the whole idle [34]. During cutting these tensile stresses build up is not observed at a
position 1032 um away from chamfered edge. But, after the fourth cut tensile stresses are
present in elements 344 and 688 um away from the chamfered edge even if the fifth cut
starts, see Fig. 59 [34]. During the fifth idle tensile stresses of 670 and 930 MPa are effective
in elements 344 and 688 um away from chamfered edge. No tensile stresses were predicted
for the finite elements 1376 and 1720 um away from chamfered edge within the first cut-
idle cycles. At these positions the simulated temperatures are lower than at the positions

closer to the cutting edge (see Fig. 58b),c)) [34].
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Within the first five cut-cycles, the highest modelled temperature of 1000 °C and mechanical
loads in combination are found in element, located 688 um away from chamfered edge. At
the same position in the hardmetal compressive stresses acting parallel to the cutting edge
of about 900 MPa are simulated, see yellow area in Fig. 60 [34].

These simulated thermal and mechanical loads may surpass the compressive yield strength
(Rpo.2) of the hardmetal. Within this work the used hardmetal grade exhibits a compressive
Rpo.2 value of 1200 MPa at 800 °C, see Fig. 56b). But, plastic deformation starts at much lower
stresses than indicated by the Rpp; value, see Fig. 56b). During cutting the compressive yield
strength of the hardmetal might be even lower due to higher apparent temperatures. Within
the first cuts, the hardmetal can be plastified most easily in a region 688 um away from
chamfered edge. During unloading during the idle, tensile residual stresses may be induced
in this region.

The position of significant tensile residual stresses build-up in hardmetal is comparable with
the position, which was found via position resolved residual stress measurements, see
chapt. 4.5. According to simulation tensile residual stresses have to be induced within the
first cycles. In the position resolved residual stress measurements significant tensile residual
stresses were detected after 1000 cuts (51.440 m aTWCL), see Fig. 39. The number cut-idle
cycles, which is required to build up significant tensile residual stresses is not comparable
with the assumption of the residual stress measurements.

This deviation can be explained by the fact that the exact coefficient of friction can be hardly
determined in real experiments. The used friction model in simulation is an estimation of the
real situation apparent in experiment. An enlarged coefficient of friction increases the
cutting temperature in the simulation [8]. The combination of the apparent loads and lower
temperatures during cutting experiment does not surpass the vyield strength of the

hardmetal grade within the first 5 cut-idle cycles.
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5 Discussion

State of the art in milling is the use of inserts based on WC-Co hardmetal substrate coated by
Ti-Al-N based films. In milling abrasive wear and thermal fatigue, with the latter inducing
characteristic combcracks, dominate the lifetime in these inserts. The combcrack formation
was in focus of the investigations in the past. In literature there are three hypotheses of
combcrack formation apparent. First, combcracks were induced by pure periodical cyclic
thermo shock [4]-[6],[43]. Due to intermittent cut in milling, these authors postulated that
the temperature difference between heating upon cutting and cooling upon the idle period
in a cutting cycle is the key factor influencing damage [4]-[6],[43]. The second hypothesis
deals with the local plastification induced by high cutting forces and thermal stresses due to
the apparent high temperatures as trigger for combcrack formation [7]. Both effects may
exceed the flow stress of a tool material due to the combination of current thermal stresses
and sufficiently high mechanical load stresses during cutting. During cooling, the material is
hindered in contraction in region in which plastic deformation was apparent during cutting.
These loads can trigger the build-up and evolution of tensile residual stress in the cutting
edge of milling inserts [7]. Third hypothesis deals with combcrack formation induced by the
different thermal expansion coefficient between WC and Co phases in the hardmetal
substrate. Due to higher thermal expansion coefficient of Co, the binder phase contracts
more than the WC phase, which results in tensile stresses in the binder phase and
compressive stresses in the WC phase [45].

These damage investigations and consequently the developed hypotheses on combcrack
formation are based on milling tests with uncoated hardmetal inserts.

The aim of this thesis is to prove the validity of existing damage hypotheses and to enlarge
the knowledge on combcrack formation for coated hardmetal milling inserts. The damage
state as well the residual stress state in coating as well as in the hardmetal substrate over
the complete lifetime were documented in own publications [57]-[59],[64].

Two different milling test setups were used. In the first one (test setup A), the thermal and
mechanical impact was subcritical, no combcracks were apparent and wear damage in form
of crater wear was responsible for reaching end of lifetime [58]. In the second test setup
(test setup B), thermal fatigue in form of combcracks was the dominant damage mechanism.
These combcracks exhibited a characteristic growth direction perpendicular to the cutting
edge [57].

A new preparation method was developed to perform position resolved residual stress

measurements in the milling inserts via X-ray diffraction. The results determined for the
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hardmetal substrate were validated with values of residual stress maps of selected milling
inserts determined via synchrotron X-ray diffraction.

Additionally, the apparent cutting temperature was estimated using thermo chalks and by
investigations of the steel chip microstructure. These results were compared with the results
of FE simulation. To develop an adequate material model for FE simulation the knowledge of
thermo mechanical and thermo physical properties of the tool material are required. Within
this work these data were generated for the relevant temperature range.

Barthia et al. described such a field at the first time, in which no tool failure induced by
combcracks occurred due to subcritical thermal or mechanical tool loading. They determined
that the feed rate and cutting speed have to be lower than 0.1 mm/rev. and 90 m/min for
uncoated milling inserts [47].

Within this work it can be shown that milling inserts coated with Ti-Al-N based films enlarge
the field of process parameters under which no tool failure induced by combcracks occurs. In
the current work a feed rate of 0.4 mm/rev. and a speed of 220 m/min were applied in test
setup A and combcracks were not detected in the substrate or in the coating. An increase of
feed rate and speed in the same test setup A causes that the critical loading is reached and
fosters the combcrack formation. This behavior corresponds well with findings in literature
[43],[47].

It can be shown that an increase of feed rate does have more influence on combcrack
formation as detected by Melo et al. for uncoated inserts [43]. In the milling tests with
coated inserts it can also be found that the location, where combcrack growth starts, is
several hundred micrometer away from the cutting edge and that growth of cracks occurs
towards to the cutting edge [6]. In one of the own milling tests, a combcrack was detected
on the rake face, which did not reach the cuting edge, see Fig. 38b). This result confirms the
findings described in [6].

Based on the results of this work, it can be argued that the second hypothesis describes the
combcrack formation in coated milling inserts in the best way [7]. Fig. 61 shows

schematically what happens during cut and idle cycles.
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Fig. 61: Schematic view of material flow and formation of stresses due to plastification during a cut

and hindered expansion during an idle period.

According to the results of the simulation, the apparent cutting temperatures are higher
than 900 °C and the induced compression stresses are about 900 MPa, which act parallel to
the cutting edge during chip formation [34]. Due to the thermal and mechanical impact, the
insert’s material expands in all directions. In direction normal to the cutting edge, this
material can expand due to the free surface at the cutting edge. On the other side, in
direction parallel to the cutting edge expansion is blocked. Due to this blockage, the yield
strength of the substrate is localized reached. In compression tests yield strength of about
1230 MPa was determined for the substrate material at 800 °C [88]. Regarding to the
evolution of yield strength as function of temperature, at 900 °C the yield strength of the
substrate material is in the same range as the induced stresses during chip forming.

But, plastic deformation starts at much lower stresses than indicated by the yield strength of
1230 MPa, see Fig. 56b). During cutting the compressive yield strength of the substrate
material might be even lower due to higher apparent temperatures.

This localized plastic deformation of the substrate material starts at very early stages in a
milling operation and generates compressive stresses, which were effective parallel to the
cutting edge. The heated and plastically deformed insert’s material contracts during the idle
period. In the locations, in which plastic deformation is apparent, this material is hindered in

contraction. The localized compressive loading stresses convert into tensile residual stresses
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[59]. These tensile residual stresses are mainly effective parallel to the cutting edge [59].
After cutting 36 m accumulated tool-workpiece contact length (aTWCL), which corresponds
1000 cuts, for the first time a region of about 1.6 x 0.3 mm? was detected by position
resolved residual stress measurements via X- ray diffraction by synchrotron sources [59] and
confirmed as well by laboratory X-ray sources [57],[58]. This region of interest is located
about 0.4 mm away from the cutting edge [59]. The position of the area of significant tensile
residual stress build-up in the milling insert corresponds well with the location of the most
pronounced combcrack [59]. Fig. 62 shows schematically the residual stress evolution in the

coating and substrate material.

Virgin 36 maTWCL 500 m aTWCL 610 m aTWCL

I ey
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Fig. 62: Residual stress evolution in coating and the WC phase of the substrate of milling inserts
tested in test setup B, in which thermal fatigue was dominant and the consequently formed
combcrack in coating and substrate after milling 610 m accumulated tool-workpiece contact length
(aTwcCL) [58],[64].

The Ti-Al-N based coating has an increased resistance against combcrack formation due to
protective compressive residual stresses, which were induced during the deposition process
[100]. Tensile residual stresses were also detected in the coating in the same region in which
tensile residual stresses were also found in the substrate material [59],[64]. It can be
assumed that the coating also plastifies or undergoes a volume reduction during the cutting
application. Due to the lower thermal conductivity of a factor of ten, the apparent
temperatures are higher in the coating than in substrate. Similar as in the substrate material,
the yield strength of the coating can be reached during cutting. Additionally, the thermal
decomposition can start locally, which also decreases the hardness of the coating.

A more pronounced effect on tensile residual stress formation in the hard coating may be
the different thermal expansion coefficient between the coating and the substrate material.
In test setup B, in which combcrack formation is dominant, is specified by a higher number
of tool movements [58]. This increases the number of thermal shocks, in which the insert
nearly cools down to room temperature. The coating exhibits a higher thermal expansion
coefficient than substrate material [54], see chapt. 4.4.1. Therefore the coating contracts

more than the substrate material during the idle period.
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However, the creation and development of tensile residual stresses last longer in the coating
than in the substrate material. After cutting 36 m aTWCL under test setup B conditions, first
tensile residual stresses in the coating as well in the substrate material were detected but
these tensile stresses in the coating were significantly increased after milling 500 m aTWCL
[64]. In comparison, in the substrate material the highest tensile residual stresses were
already detected after 36 m aTWCL [58]. Without the protective compressive residual
stresses in the coating, combcracks can easily nucleate and grow through the coating as well
as in the substrate material (see cross section of an insert after milling 611 m aTWCL in test
setup B (Fig. 31c)). In comparison, the compressive stresses in the coating are present in
inserts till the end of lifetime, in which wear damage was the dominant damage mechanism
and no combcracks were apparent [57].

By the appearance of combcracks, the abrasive wear damage increases due to the increase
of coating and hardmetal fragments on the surface induced by shattering the crack edges
and flanks during chip forming [58]. The number of combcracks increases with increasing
number of cuts [43],[58]. The crack opening gets larger with increasing duration of milling
operation because of shattering the crack flanks and filling the cracks with workpiece
material. End of lifetime of a milling insert is reached when cracks appear, which grow
parallel to the cutting edge. These sorts of cracks connect two combcracks. The whole
cutting edge gets unstable and the danger of cutting edge breakage is increased [58]. These
kinds of cracks are induced by mechanical fatigue [5]. Opitz et al. also detected these parallel
cracks in heated inserts without the appearance of combcrack [5]. It seems that the Ti-Al-N
based coating decelerate the mechanical fatigue damage due to the compressive stresses in
the coating [64]. Because, these parallel cracks are not detected till the end of lifetime in
milling arrangements, in which wear damage is dominant and no combcracks are apparent
[57].

Fig. 63 summarizes the results of the residual stress measurements and their effect on

combcrack formation.
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Fig. 63: Residual stress states in the WC and (Ti-Al-N) phase caused by milling operations and the

consequence on combcrack formation.

It seems that the residual stress state in the coating as well in the substrate material
influences the combcrack formation. Compressive residual stresses delay the combcrack
formation. The residual stress state can be modified by post treatments, e.g. a blasting
process. Within this work the residual stress and damage evolution was documented in
milling inserts, which were post-treated with varied blasting times [55]. These first
investigations showed that the blasting duration does not influence significantly the residual
stress state in the substrate material. This missing influence can also be found in the cutting
performance. All inserts reached a similar lifetime [55].

The results of this work enhance the understanding of damage mechanisms in coated
hardmetal milling inserts in milling application. This knowledge of the influence of the
residual stress state gives the opportunity to improve and modify in detail the combination

of substrate and hard coating.
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6 Summary

In milling application the damage and consequently the lifetime is dominated by thermal
fatigue in form of combcracks and crater wear. Especially the combcrack formation and
residual stress evolution in used coated milling inserts are based on guesses in literature.
Therefore the aim of this thesis was to enlarge the knowledge of residual stress evolution in
used milling inserts over the complete lifetime and their influence on combcrack formation.
WC-Co hardmetal milling inserts deposited by Ti-Al-N based film were tested in two different
milling test setups. The first test setup was dominated by the crater wear damage for
reaching end of lifetime. Thermal and mechanical impact was subcritical and no combcracks
were apparent [58]. In the second test setup the thermal fatigue in form of combcracks was
dominant for reaching end of lifetime.

Within the work it can be shown that Ti-Al-N based film coated hardmetal inserts, enlarge
the field of process parameters in which milling without tool failure induced by combcracks
occurred.

The apparent combcracks exhibit a characteristic growth direction perpendicular to the
cutting edge [57] and start several um away from the cutting edge, independent of using
coated or uncoated inserts. In coated milling inserts the combcrack has a shape similar to a
quarter of an ellipse and the crack extension at the surface is in an excellent agreement with
the dimension in the volume. During application the combcrack flanks and edges were
shattered due the peoridical opening and closing of the crack. The cracks are filled with
workpiece material into a depth of 15 um.

Position resolved residual stress measurements by X-ray diffraction using synchrotron
sources on used milling inserts detected significant tensile residual stresses in the WC phase
in a region of 1.6 x 0.3 mm?. This region is positioned about 0.4 mm away from the cutting
edge and is detected at the very early stages of application in a milling insert with
1000 contacts with the workpiece (51.44 m accumulated tool-workpiece contact lenght). The
position of this region with significant residual stress buildup corresponds well with the
location of the most pronounced combcrack [59].

Own laboratory based X-ray diffraction experiment confirms and completes the position
resolved residual stress measurement in region of interest in the substrate material and in
the coating of tested milling inserts over their complete lifetime via X-ray diffraction using X-
ray sources. In the virgin state milling inserts exhibit compressive residual stress in the
substrate as well as in the coating. Already in early stages of application, after 1000 contacts,
tensile residual stresses in the WC phase are observed in inserts from both investigated test

setups. The results of the X-ray diffraction in the WC phase using synchrotron and laboratory
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X-ray sources are in an excellent agreement. Tensile residual stresses in the WC phase are
apprarent till end of lifetime in inserts tested in a milling test setup, in which wear
dominates lifetime. Contrary, the tensile residual stresses in the WC phase decreased
significantly upon apparence of the first combcrack in inserts, which were tested in a milling
arrangement, in which thermal fatigue is dominant.

The Ti-Al-N based coating has an increased resistance against combcrack formation due to
protective compressive residual stresses, which were induced during the deposition process
[101]. These compressive stresses are present in inserts till the end of lifetime, in which wear
damage was the dominant damage mechanism and no combcracks were apparent [57]. In
contrast, in the same region tensile residual stresses were also detected in the coating of
inserts, which were tested in the thermal fatigue dominated test setup [58].

The position of the region of residual stress build up is comparable with the modelled results
of the simulation. The simulation also shows that during the chip formation the apparent
cutting temperatures are probably higher than 900 °C and the induced compression stresses
are about 900 MPa, which act parallel to the cutting edge [34]. At 900 °C the yield strength
of the substrate material, which was determined within this work, is in the same range as
the induced stresses during chip forming. It seems that the yield strength of the substrate
material is surpassed and localized plastic strains occur during cutting. This generates
compressive stresses, which were effective parallel to the cutting edge. During the idle
period the heated and plastically compressed material contracts and in the locations, in
which plastic deformation was apparent, this material is hindered in contraction. The
localized compressive loading stresses convert into tensile residual stresses acting parallel to
the cutting edge.

First investigations on inserts were done, which were post-treated with varied blasting time
[55]. It can be shown that the blasting duration does not significantly influence the residual
stress state in the substrate material. This missing influence can also be found in the cutting

performance. All inserts reached a similar lifetime [55].
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7 Outlook

Based on the knowledge and methods for studying combcrack formation reported within
this thesis, there are several opportunities to improve the coating/hardmetal system in
milling inserts.

The local plasitification of the substrate as well as of the coating has to be delayed by
decreasing the temperatures and cutting forces during milling. The cathodic arc evaporate
deposited Ti-Al-N based hard coating can be optimized concerning its thermo-physical
properties and friction coefficient. An increased thermal insulation of the coating decreases
the apparent temperature in the hardmetal substrate during cutting. The thermal insulation
can be achieved by reducing the thermal conductivity of the hard coating material. A lower
friction coefficient at the coating’s surface also decreases the cutting temperatures. This can
be reached by a lower surface roughness of the coating e.g. by removing of the droplets
from the surface. Wet and dry blasting processes after CAE deposition remove these
droplets and these post treatments show good results in milling application. The dry blasting
process used as post treatment of inserts seems to be a promising way to induce additional
compressive residual stresses in the coating and in the substrate material within the first
microns below the coating/substrate interface. Compressive residual stresses in the coating
act protective against combcrack formation. The influence of the shape of the blasting
material and the variation of blasting pressure on the residual stress evolution in coating and
hardmetal substrate may be significant for tool lifetime and deserve attention in the future.
Improvements in the substrate material can be done using a hard metal substrate with
increased yield strength at elevated temperatures. The use of alloying elements, e.g. Cr or
Mo, in the Co binder phase and the use of a higher amount of cubic carbides, e.g. TiC, can
act as triggers.

The cutting forces as well as the position of the apparent highest temperatures can be
influenced by cutting edge geometry [33]. Optimization of cutting edge, their production and
their validation in the milling application is very time consuming. The FE simulation is a
time-saving tool for designing the cutting edge geometry and to estimate the mechanical
and thermal tool loads apparent within a cutting process [8]. The knowledge of the
thermo-mechanical and thermo-physical properties of the hard coating as well as in the
hardmetal substrate are necessary to develop adequate material models for FE simulation
[8]. At RT most of the relevant data are available in the open literature but at elevated
temperature these data are very rare. It needs effort in the future to provide these material
data up to 1000 °C for the whole range of used coatings as well substrate materials used in

several cutting applications.
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The results of simulation have to be validated by cutting experiments. A specific topic is the
position resolved determination of cutting forces and temperatures during the cutting
process. The use of thermo chalks is one way to determine temperature maps outside of the
contact zone between workpiece and insert. The position resolved detection of the apparent
temperatures and forces within the cutting zone using new sensor techniques are a
promising research field for the future.

Within this work a preparation method for position resolved residual stress measurements
via X-ray diffraction was developed, which gives the opportunity to validate the calculated
strain and stress results of the FE simulation. A missing point in the literature is the position
resolved residual stress measurements in other cutting applications. To improve the
knowledge of damage and to support the FE simulation in other cutting applications it is
necessary to further develop the preparation method for other cutting insert’s geometries to
estimate these residual stresses. Based on these methods, the understanding of tool wear in

several cutting applications using various workpiece materials can be enhanced significantly.
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8 Overview of the publications

To enlarge the knowledge on the damage mechanisms in coated hard metal milling inserts
during milling operation six publications were published within the framework of this thesis.

Here, a short overview of the content and results is given.

The first publication deals with the position resolved residual stress measurements in the
hard metal substrate. Tested milling inserts and a virgin insert as reference were
investigated by means of synchrotron sources. It could be shown that significant tensile
residual stresses are apparent parallel to the cutting edge in a small region of 0.3x1.6 mm?
and located 0.3 mm away from the cutting edge in inserts tested at early stages of milling
operation. The position of these tensile stresses is comparable with the position of

combcracks.

On the basis of publication |, a special covering method was developed to facilitate the
position resolved residual stress measurements in this area of interest in hard metal
substrate via X-ray diffraction using in-house X-ray sources. Publications Il and Ill deal with
the residual stress and damage investigations of milling inserts, which were tested in two
different milling test setups. Inserts, tested in the wear dominated test setup, show tensile
residual stresses till end of lifetime. Inserts, tested in the thermal fatigue dominated test
setup, show a similar residual stress evolution upon appearance of the first combcrack. After
the appearance of combcracks the tensile residual stresses decrease significantly and at end

of lifetime compressive residual stresses are detected within the region of interest.

The influence of a dry blasting process and especially the blasting duration on the residual
stress evolution in the hard metal substrate at early stages of application is demonstrated in
publication IV. It is shown that the blasting time has not a significant influence on the
residual stress evolution at early stages of application and it does not decelerate the

combcrack formation.

Publication V deals with the improvements of the special covering method for residual stress
measurements, which gives opportunity for position resolved residual stress measurements
in the hard coating. The coatings of the same milling inserts as already shown in publication
Il and Il were investigated. It can be illustrated that tensile residual stresses are apparent in
the coating after testing the inserts in the thermal fatigue dominated test setup, whereas
compressive residuals stresses are detected in the coatings till end of lifetime of inserts,
which were tested in wear dominated test setup. Compressive residual stresses in the

coating prevent combcrack formation.
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Creation of an adequate material model for FE simulation requires material data as input
data of the hard metal substrate. Publication VI summarizes material properties such as
Young’s and shear modulus, Poisson’s ratio, yield strength, fracture toughness as function of
temperature, which were determined for hard metals with varied Co content and WC grain
size. The Young’s modulus, shear modulus and vyield strength decrease with increasing
temperature and Co content whereas the Poisson’s ratio is not influenced either by Co
content or WC grain size and temperature. No pronounced influence of Co content and WC
grain size on fracture toughness was detected within the investigated parameter range from
RT to 700 °C. In contrast at 800 °C all investigated hard metal grades with a Co content
higher than 8 wt.% showed a significant increase in fracture toughness. The determined

material data was used in publication VII for FE simulation.
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9 Publications

9.1 List of included publications

VI.

Spatial Correlation of Tensile Residual Stress and Thermal Fatigue Damage in
Coated Cemented Carbide Milling Inserts

T. Teppernegg, T. Kllinsner, C. Tritremmel, C. Czettl, J. Keckes, T. Wroblewski,
R. Ebner, R. Pippan

18" Plansee Seminar, International Conference on Refractory Metals and Hard
Materials, Reutte (2013) Hard Metal47/ 1- Hard Metal47/10.

Residual Stress and Damage in Coated Hard Metal Milling Inserts

T. Teppernegg, T. Klinsner, C. Tritremmel, C. Czettl, J. Keckes, R. Ebner, R. Pippan
Advances in Tungsten, Refractory and Hardmaterials IX - Proceedings of the gt
International Conference on Tungsten, Refractory and Hardmaterials, Orlando
(2014) 245-253.

Evolution of Residual Stress and Damage in Coated Hard Metal Milling Inserts
Over the Complete Tool Life

T. Teppernegg, T. Kliinsner, P. Angerer, C. Tritremmel, C. Czettl, J. Keckes,

R. Ebner, R. Pippan

International Journal of Refractory Metals and Hard Materials 47 (2014) 80-85.

Residual Stress and Damage in Post-Treated Coated Milling Inserts
T.Teppernegg, T. Kliinsner, C. Tritremmel, P. Angerer, C. Czettl, R. Pippan
Proceedings of the Euro PM2014, Salzburg (2014) EP140186 1-6

Evolution of Residual Stress in TiAITaN Coatings on Hard Metal Milling inserts
T. Teppernegg, P. Angerer, T. Kliinsner, C. Tritremmel, C. Czettl

International Journal of Refractory Metals and Hard Materials 52 (2015) 171-
175.

High Temperature Mechanical Properties of WC-Co Hard Metals

T. Teppernegg, T. Kllinsner, C. Kremsner, C. Tritremmel, S. Puchegger, C. Czettl,
S. Marsoner, R.Pippan, R. Ebner

International Journal of Refractory Metals and Hard Materials 56 (2016) 139-
144.
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9.2 Publication related to this work

VII.

VIII.

Finite element study of the influence of hard coatings on hard metal tool loading
during milling

I. Krajinovi¢, W. Daves, M. Tkadletz, T. Teppernegg, T. Kliinsner, N. Schalk,

C. Mitterer, C. Tritremmel, W. Ecker, C. Czettl

Surface and Coatings Technology, 304 (2016) 134-141.

Arc Evaporated Ti-Al-N / Cr-Al-N Multilayer Systems for Cutting Applications

T. Teppernegg, C. Czettl, C. Michotte, C. Mitterer

Submitted to the 19" Plansee Seminar
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9.3 My contribution to the included publications

Publication |

The design of the concept for this publication and the selection of suitable cutting
parameters were done by me. The milling experiments were performed by Markus Lorenz in
the Ceratizit tooling academy and the residuals stress measurements were conducted by
Jorn Donges at the Deutsches Elektronen-Synchrotron (DESY), both under my supervision. |
evaluated the measurement data of the residual stress measurements and prepared them to
graphical mappings. | investigated the worn milling inserts via SEM with technical assistance

by Bernhard Sartory. The manuscript was prepared by myself.
Publication Il

Also here, the concept of this manuscript was done by myself. | developed based on
publication | the testing parameters for test setup A inclusive the suitable stops of the milling
experiments. Similar to the other publications |, lll and IV, the milling experiments were
conducted by Markus Lorenz under my supervision. | developed a new cover method of
preparing milling inserts for residual stress measurements on small areas of interest at the
milling inserts via laboratory X-ray diffraction. Next to the preparation of the milling inserts |
also performed the residual stress measurements with technical assistance by Andreas
Bubnik. | evaluated the calculation of the residual stresses, conducted by Paul Angerer.
Similar to publication LIl and IV, the SEM investigations of the worn milling inserts were

conducted by Bernhard Sartory under my supervision. | wrote the manuscript.
Publication IlI

Within this publication, my contribution was the design of the concept as well the choice of
suitable cutting parameter of the milling experiments for test setup B. The cutting tests were
performed at the Ceratizit tooling academy under my supervision. Similar to publication I, |
prepared the milling inserts and conducted the residuals stress measurements with
assistance of Andreas Bubnik and Paul Angerer. The results of residuals stress measurements
were elevated and interpreted by myself. Both, the results of the residual stress
measurements as well of the SEM investigations, which were done by Bernhard Sartory,

were included in the manuscript, which was prepared by me.
Publication IV

Also for this publication, the concept of the manuscript was developed by myself. | defined
the parameters for the blasting experiments. The blasting experiments and the cutting tests
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were conducted at Ceratizit. Preparation of the milling inserts for the residual stress
measurements as well the residual stress measurements were done by me, with technical
assistance by Andreas Bubnik. These results of residual stress measurements and the results
of the SEM analysis, conducted by Bernhard Sartory, were elevated and interpreted by

myself and | wrote the manuscript.
Publcation V

The design of the concept was done by myself. For measurement residual stresses in the Ti-
Al-N coating at small areas on the milling inserts, | had to adapt the cover method of the
publication Il. The worn milling inserts of publications I-lll were prepared by myself for the
residual stress measurement in the Ti-Al-N coating. Under my supervision, Andreas Bubnik
conducted the residual stress measurements. | calculated and evaluated the residual stress
values in the coating of the milling inserts on my own. The elastic constants of components
of the coating were also calculated by myself with assistance of Paul Angerer. With his
support the interpretation of the elastic constants was included in the manuscript. The

major part of the manuscript was prepared by myself.
Publication VI

Also for the last publication, | developed the concept and prepared all samples. The
determination of the elastic properties of the hardmetal grades were performed by Stephan
Puchegger at the Technical University Vienna. The Poisson ratio of all hardmetal grades were
calculated by me. The compression tests at elevated temperature were done under my
supervision by Kevin Tobitsch. Due to the different specimen diameter the attained strain
values required correction. A support in creation of the finite element model was given by
Stephan Krobarth and Uwe ORBberger. The correction of all determined strain-stress curves
was performed by means of a finite element model on my own. Under my supervision,
Clemens Kremsner conducted the bending tests at elevated temperature and the SEM
analysis with technical assistance by Christian Puschnig. With my support, Clemens Kremsner
determined the fracture toughness values. | calculated the CTOD values and plastic size
zones of all tested hardmetal grades.

Support in interpretation of the results of the fracture toughness at elevated temperature
was given and concluded in the manuscript by Thomas Kliinsner. All other results were

elevated, interpreted and incorporated in the manuscript by myself.
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Summary

The proportion of contribution in percent is summarized in the table below.

Concept and

Experiments

Analysis and

Manuscript

planning [%] [%] interpretation [%] | preparation [%]
Publication | 100 100 100 100
Publication Il 100 100 100 100
Publication IlI 100 100 100 100
Publication IV 100 100 100 100
Publication V 100 100 80 80
Publication VI 100 80 90 90

Supervision is not included.
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Abstract

Thermo-mechanical fatigue induced by interrupted tool-workpiece contact and wear are the
main damage mechanisms in coated cemented carbide milling inserts. This study examines a
damage mechanism in milling inserts by local correlation of the emergence of tensile
residual stress and damage in form of cracks. The studied milling tools that cut 42CrMo4
steel in normalized state were made of fine-grained WC-8 wt.% Co coated with arc
evaporated TiAIN-based. To focus on early stages of damage, the inserts performed a
defined number of contacts with the workpiece. The development of residual stresses was
studied in the WC phase as a function of the number of contacts. Their position along the
cutting edge was examined via synchrotron X-ray diffraction with high lateral resolution. In
order to document the degree of damage present at various stages of tool life, selected
milling inserts were prepared by focused ion beam milling and investigated by scanning
electron microscopy. The location of the first observed significant tensile residual stresses
was compared with the position of the most pronounced thermal fatigue crack at the end of

service life. The position of tensile residual stresses in an insert with 1000 tool-workpiece



contacts corresponds well with the position of thermal fatigue cracks in milling inserts at the

end of service life.
Keywords : WC-Co cemented carbide, residual stress, damage, synchrotron, milling
Introduction

In milling processes, high cyclic contact pressures and chip sliding velocities arise [1]
accompanied by alternating temperature loads [2-5]. These loads act locally on the tool edge
causing wear [1] and possibly also local plastic deformation [4] that triggers the buildup of
tensile residual stresses upon cooling. Combcracks, that are the most prominent form of
thermal fatigue cracks in milling inserts, exhibit a growth plane normal to the cutting edge
[2,4]. Opitz et al. expected that the direction of tensile residual stresses that lead to the
formation of these cracks are oriented in a direction parallel to the cutting edge [4].
Kirchlechner et al. investigated the emergence of residual stresses, induced by thermal shock
on coated steel specimens, with high lateral resolution using synchrotron X-ray diffraction
[6]. The used method allowed for a position resolved measurement of residual stresses in
polycrystalline materials [11]. This would be the ideal method to study position-resolved
correlation of the emergence of tensile residual stresses and combcracks in milling inserts.
Ekemar et al. indicate that the site of crack initiation is located at the hottest point on the
surface of the rake face behind the cutting edge [7]. Moreover, the combcracks grow from
their site of nucleation towards the cutting edge [4, 8-9]. The number of thermal cycles
needed for crack initiation is not well-known. On the one hand, only one thermal cycle was
needed to create a crack density of 2x10™ microscopic cracks per m? in thermo-shock
experiments with uncoated cemented carbide [10]. On the other hand, first macroscopic
combcracks were found in uncoated milling inserts after 200 cutting cycles by stereo
microscopy [4].There qualitatively understanding of the evolution of residual stress and
damage in milling tools is based on guesses.

The present paper investigates the early development of residual stress and damage in

milling inserts.

Experimental details

The studied milling inserts were made of WC - 8 wt.% Co with an average WC grain size of
1 um and were coated with TiAIN-based deposited by cathodic arc evaporation with a
thickness of 8 um. The inserts exhibit dimensions of 6.35 x 11.4 x 10 mm? and chamfered
cutting edges. 42CrMo4 steel in normalized state with an upper yield strength of 400 N/mm?
was used as workpiece material. Face milling tests were carried out as illustrated in Fig. 1
using a type EX-CELL-O XB406 miller with a spindle power of 57 kW.
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Fig.1: Scheme of machining test setup

The tool holder with a diameter of 125 mm and holding capacity for six inserts machined a
workpiece with the dimensions of 800 x 96 x 200 mm?3. All performed machining tests were
carried out without water or air cooling in a synchronous milling arrangement. Only one of
the six milling inserts actually did cut to maximize the length of constant cutting conditions
at a limited size of the workpiece (see white rectangle in miller symbol in Fig. 1). To ensure a
constant contact length of each tool-workpiece contact, a distance of 46 mm was removed
by a dummy tool at the beginning and the end of each cut segment (cf. “start position” and
“end position” in Fig. 1). Thus, 1900 tool-workpiece contacts with constant cutting
conditions were performed within one segment length. Milling tests with higher numbers of
tool-workpiece contacts (>1900) required the movement of the miller to the start position
for it to cut a further segment. The machining experiments were stopped after two, ten, 100,
500, 1000, 1900, 9400 and 15000 tool-workpiece contacts. For example, 15000 tool-
workpiece contacts correspond to eight cut segments in the current testing setup. The top

view of the milling insert with 1000 tool-workpiece contacts is shown in Fig. 2.



Fig.2: Top view of used milling insert after 1000 tool-workpiece contacts under constant

cutting conditions. White margin indicates area of residual stress mapping (see Fig. 3).

The cutting parameters of the discussed test setup are shown in Tab. I. To document the
extent and location of damage in form of cracks at the end of service life (about 40000 tool-
workpiece contacts), a milling insert was tested under similar conditions as described in Tab.
I. Feed rate and cut segment length were changed from 0.4 mm to 0.5 mm per tooth and
800 mm to 96 mm, respectively. To reduce the required testing efforts, beginning and end

sections of cut segments were also milled with the investigated insert.

Tab. I: Cutting parameters of used machining test setup

Machining

parameters

Speed of rotation [rev. / min] 560
Feed rate [mm / tooth] 0.4
Cutting depth [mm] 4
Contact length [mm] 51.4
Cutting speed [m / min] 220

Residual stresses in selected inserts were characterized at the G3 beamline of the Hasylab
synchrotron source in Hamburg using a 4-circle diffractometer and monochromatic
synchrotron X-rays with an energy of 10 keV. The position resolved measurements of

residual stress were performed using the MAXIM system [11] applying the side inclination

v



method [12]. The residual stresses were determined in the tungsten carbide phase of the
hard metal substrate in a region of about 5 um below the interface between coating and
WC-Co substrate. Please note that the uncertainty associated with the residual stress
measurements is in the order of magnitude of the determined values and is influenced by
two factors. On the one hand, the diffraction intensity is strongly affected by the number of
illuminated WC grains. On the other hand the lateral resolution of the measurement is
diminished due to the necessary distortion correction procedure resulting in a lateral
resolution of 100 um?.

Surface topography of the rake faces was investigated by scanning electron microscopy
(SEM, Zeiss Auriga). Selected milling inserts at 1000 and 15000 tool-workpiece contacts as
well as at end of service life were prepared with a focused ion beam (FIB, Orsay Physics
Cobra Z-05) to document the presence or absence of combcracks at a certain stage of insert
life.

Results and Discussion

Residual stresses in selected milling inserts with zero, two, ten and 1000 tool-workpiece
contacts were characterized in a position-resolved manner within a rectangular area
indicated in Fig. 2. The corresponding two-dimensional distribution of the residual stress
component oriented parallel to the rectangle’s longer side is presented in Fig. 3. Dark and

light shades of grays represent compressive and tensile residual stresses respectively.
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Fig.3: Position resolved maps of residual stress in x-direction in milling inserts with (a) 0, (b) 2, (c) 10
and (d) 1000 tool-workpiece contacts. The lower boundaries of the stress maps correspond to the
straight portions of the cutting edges of the inserts. Please mind that x- and y- coordinates scale

differently.



In the virgin milling insert predominantly compressive residual stresses were observed (see
Fig. 3(a)). As seen in Fig. 3(b) and 3(c), the residual stress state of milling inserts with two and
ten cuts showed a slight tendency towards tensile stresses as indicated by the increased
fraction of light gray areas. However, after 1000 tool-workpiece contacts significant tensile
residual stresses have developed in x-direction in an area of approximately 0.3 mm x 1.5 mm
as indicated by the high fraction of light grey regions in Fig. 3(d). The center of significant
tensile residual stress buildup is located about 0.4 mm from the straight portion of the
cutting edge. Local variations of residual stress in x-direction along the dashed lines

indicated in Fig. 3 are presented in Fig. 4.
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Fig.4: Profiles of residual stress in x-direction obtained from horizontal sections of residual stress
maps in milling inserts as indicated by dashed lines in Fig. 3: (a) 0, (b) 2, (c) 10 and (d) 1000 tool-

workpiece contacts

As can be seen in Fig. 4(a), the residual stresses in the virgin insert are mainly compressive.
This finding corresponds with results of neutron diffraction experiments from literature with
uncoated cemented carbide specimens [13,14]. There are no significant changes in the
observed residual stress state in specimens with two and ten tool-workpiece contacts
respectively. The determined residual stress values are still mainly compressive (cf. Fig. 4(b)
and 4(c)). However, significant tensile residual stresses of about 1000 MPa were observed in
the specimen with 1000 tool-workpiece contacts on a length of scale of about 1.5 mm (see
Fig. 4(d)). Please note that the uncertainty associated with the measured value is about
900 MPa. The present results indicate that under the investigated cutting conditions more
than ten tool-workpiece contacts are required to build up significant tensile residual stresses

on the rake face of the inserts.

\



To document the present state of damage, surface topography of the rake faces of milling
inserts at zero, 1000, 15000 tool-workpiece contacts and at end of service life (about 40000

tool-workpiece contacts) were investigated by SEM (see Fig. 5).

0 contacts e o | aOUegnacs

Fig. 5: SEM micrographs showing surface topography of the rake faces of milling inserts at (a) zero,
(b) 1000, (c) 15000 tool-workpiece contacts and (d) end of service life (about 40000 tool-workpiece
contacts). Black arrows in (b), (c) and (d) indicate areas of detailed SEM / FIB investigations shown in

Fig. 6. White arrows in (d) indicate positions of combcracks at end of service life.

As can be seen in Fig. 5(a) to 5(c) the milling inserts with zero, 1000 and 15000 tool-
workpiece contacts do not show any cracks on the surface. The contact between tool and
workpiece during cutting induces adhesive and abrasive wear up to approximately one
millimeter from the cutting edge (see Fig. 5(b) to 5(d)). The milling insert at end of service
life shows combcracks indicated by white arrows in Fig. 5(d). The position of the most
pronounced combcrack, indicated by the leftmost of the white arrows in Fig. 5(d),
corresponds with the position of the highest tensile residual stress found in the milling
insert after 1000 tool-workpiece contacts (compare Fig. 3(d) and Fig. 4(d). Typical crater
wear marks [2] with complete coating removal were observed near the cutting edge of the

insert at end of service life.

Detailed investigations of the tool surface including some FIB cuts are summarized in Fig. 6.
Figure 6(a), 6(c) and 6(e) show SEM images of the rake faces of milling inserts after 1000,

15000 tool-workpiece contacts and at end of service life; the white lines in the figures
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indicate the positions of cross sections prepared by FIB cuts that are shown in Fig. 6(b), 6(d)
and 6(f). The positions of the mentioned FIB cross sections were chosen within the area of
tensile residual stress buildup in the insert with 1000 tool-workpiece contacts shown in
Fig. 3(d). To produce a smooth FIB cut, a platinum layer was deposited prior FIB cutting. This
platinum layer appears as a bright film on top of the darker hard coating on the cemented
carbide substrate. In the analyzed milling inserts with up to 15000 tool-workpiece contacts
no macroscopic cracks were observed, neither in the coating nor in the cemented carbide
substrate (e.g. see Fig. 6(a) to 6(d)). The inhomogeneity in Fig. 6(b) was found to be not a
crack but a pore around a droplet in the arc-evaporated TiAIN-based coating. Such droplets
are typical for coatings deposited by means of arc evaporation coating processes [15]. The
most pronounced combcrack in the tool at end of service life is shown in detail in Fig. 6(e)
and 6(f). The cross section of the crack shows that both crack flanks and edges are shattered
and that the crack itself is partially filled up with chip material and tungsten carbide
fragments. The end of the crack is not visible and consequently the crack is deeper than

15 um. Cracks appear also in the hard coating.
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Fig. 6: SEM micrographs showing surface topography of rake faces of milling inserts after (a) 1000
and (c) 15000 tool-workpiece contacts, (e) end of service life (about 40000 tool-workpiece contacts)
— white lines in figures on the left indicate positions of FIB cuts. FIB cross sections of tools at (b) 1000
and (d) 15000 tool-workpiece contacts and (f) end of service life. Bright top layers on top of cross

sections are protective platinum layers.

The presented results indicate that under the investigated cutting conditions more than

15000 tool-workpiece contacts are needed to create combcracks detectable by SEM.
Summary and Conclusions

The residual stress state in cemented carbide milling inserts coated with TiAIN-based was
successfully characterized via synchrotron X-ray diffraction with high lateral resolution. In
milling inserts with zero, two and ten tool-workpiece contacts residual stresses were found
to be mainly compressive. The rake face of a milling insert with 1000 tool-workpiece

contacts showed significant tensile residual stresses of about 1000 MPa in a region as large
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as 0.3 mm x 1.5 mm close to the cutting edge. The maximum values were observed at a
distance of about 0.4 mm away from straight part of the cutting edge. No pronounced
combcracks were found in milling inserts with up to 15000 tool-workpiece contacts in
detailed SEM investigations including cross sections prepared by FIB, neither in the
cemented carbide substrate nor the hard coating. The position of the area of significant
tensile residual stress buildup in the milling insert with 1000 tool-workpiece contacts
corresponds well with the location of the most pronounced combcrack in a milling insert at

end of service life.
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Abstract

Wear and thermo-mechanical fatigue induced by interrupted tool-workpiece contact are the
main damage mechanisms in coated hard metal milling inserts. Depending on the
magnitudes of thermal and mechanical loads, one damage mechanism may be dominant and
determine tool lifetime. In the present work a milling test was applied with specific
conditions in which wear acts as the dominant damage mechanism and no combcracks
appeared on the inserts. The evolution of residual stress in milling inserts and wear damage
at several stages of tool life was investigated. All studied milling tools were made of fine-
grained WC - 8 wt.% Co coated with an arc-evaporated TiAIN based film and they cut
normalized 42CrMo4 steel material. The damage state of selected milling inserts was
investigated by means of focused ion beam milling and scanning electron microscopy. A
significant buildup of tensile residual stress was detected via synchrotron X-ray diffraction in
a used milling insert at a very early stage of application. This buildup occurs in an area of
about 0.3 mm x 1.5 mm close to the cutting edge. A special preparation technique enables
the measurement of residual stresses in this small region of interest by in-house X-ray
diffraction facilities to shed light on the evolution of residual stresses in milling inserts in
their complete tool life. The deduced values of tensile residual stress in a used insert
measured by synchrotron techniques as well as by in-house X-ray measurements are

comparable.
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Introduction

In milling processes, the main damage mechanisms are wear and thermal fatigue [1],[2].
Thermal fatigue is characterized by combcracks, which appear with crack planes
perpendicular to the cutting edge [3],[4]. The tool lifetime of milling inserts may be
determined by mainly one of the mentioned damage mechanism, e.g. wear damage, or of a
combination of both. Which of the two is dominant is determined by the respective cutting
conditions [3],[4]. Wear damage is induced generally by two main mechanisms: One is
adhesive wear, in which workpiece material sticks to the tool’s rake face during cutting and
the other mechanism is abrasive wear, where particles of the coating move over the rake
face [3],[5]. Abrasive wear kinetics is highly increased when debris in form of hard metal and
coating fragments are introduced by the shattering of exposed surface features such as

combcrack flakes [2].

Combcrack creation requires a sufficiently high temperature difference between heating
upon cutting and cooling upon idle time [2],[5]. The use of liquid cooling agents in milling
leads to thermal shocks acting in the milling tools and therefore fosters the creation of
combcracks [7]. Combcrack formation in milling insert can be suppressed by lowering the
temperature amplitudes acting at the tool edge, e.g. by heating the inserts [2]. Both, the
cyclic thermal loads caused by frictional heating in the tool-chip interface and plastic
deformation during cutting, are localized close to the cutting edge to initiate the nucleation
and the growth of combcracks [2]. Local plastic deformation, which appears in a small area
close to the cutting edge, is introduced mainly by thermal stress amplitudes induced by
frictional heating. The combination of high cutting forces and high temperature surpass the
flow stress of a tool material. Upon cooling, these loads then trigger the buildup of tensile
residual stress in the cutting edge of milling inserts. Cyclic mechanical loads in form of cyclic
contact pressure between chip and tool may also introduce local plastic deformation close to
the cutting edge [8].

Kirchlechner et al. investigated the emergence of residual stress induced by cyclic thermal
shocks in coated steel disc with position resolved high lateral resolution using synchrotron X-
ray diffraction [9],[10]. In earlier work, significant tensile residual stress buildup was found
on the rake face of a used milling insert in a region of approximately 0.3 x 1.6 mm? [6], which
is indicated in Fig.1 by a black frame. The center of this region of interest (ROI) was located
about 0.4 mm from the cutting edge. Tensile residual stresses were determined in a used
milling insert in a direction parallel to the straight part of the cutting edge and were found to
exhibit a value of about 1000 MPa (see Fig.1).
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milling insert with 1,000 tool-workpiece contacts. The black frame indicates the area with significant

tensile residual stress buildup [6].

The evolution of residual stress and damage was investigated only in the very early stages of
tool life [6]. The further evolution of residual stress and damage in milling tools in later
stages of application is currently not described in the open literature.

The present paper investigates the development of residual stress in milling inserts in later
stages of tool life via X-ray diffraction (XRD) using a special covering method. Additionally,

the damage state of selected milling inserts was documented.
Experimental

The studied milling inserts were made of WC-8 wt.% Co hard metal and exhibited an
average WC grain size of 1 um. Furthermore, all inserts were coated with a TiAIN-based film
deposited by cathodic arc evaporation with a thickness of 8 um. The insert dimensions were
6.35x11.4 x 10 mm?3, cutting edges were chamfered. Face milling tests were carried out
using a test setup as described in more detail in [6] (see Fig.2 ). The same workpiece material
as applied in [6] was used, being a 42CrMo4 steel in a normalized state with an upper vyield
strength of 400 N/mm?2.
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Fig.2: Scheme of one cut segment in the applied milling test setup, as also used in [6].

All performed machining tests were carried out without lubricant or air cooling. A single
edge synchronous milling arrangement was applied, which means that only one insert
actually did cut (see white rectangles in Fig. 2). The used cutting speed was 220 m/min, the
feed rate was 0.4 mm/tooth, and the depth of cut was 4 mm. To ensure a constant length of
each tool-workpiece contact, in the present paper also referred to as “cut”, a distance of 46
mm was removed by a dummy tool at the beginning and the end of each cut segment (cf.
“start position” and “end position” in Fig.2). In this arrangement 1,900 tool-workpiece
contacts with constant cutting conditions were performed within one cut segment length.
Milling tests with a higher number of cuts required the movement of the milling tool to the
start position to cut a new segment. For example a specimen that cuts 3 800 times removes
two segments. In earlier work [6], the machining experiments were stopped after 10 and
1,000 cuts, respectively. In the present work, tests were done with 50, 500, 5,600, 9,600,
13,100, 17,700, 23,400, 26,200 and 37,400 cuts (end of lifetime).

The residual stress state in the region of interest (ROI) was determined in the direction
parallel to the straight portion of the cutting edge in the tungsten carbide phase of the hard
metal substrate in the same manner as described in [11]. The information was acquired in a
depth region ranging from the interface between coating and WC-Co substrate and about 5
pum below this interface. The residual stress states of all milling inserts were measured via in-
house XRD facility as reported in [11].

As previously described in [11], areas outside of the ROI on the milling inserts’ rake faces
(black frame in Fig.3 a) were covered manually with a thin brass foil, see Fig.3 b). Brass was
chosen as cover material to avoid the overlap of diffraction peaks from the cover material

and the peak used for the determination of residual stress in the WC phase.
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Fig.3: a) Top view of the rake face of used milling insert [6]. Rectangle frame indicates the detail
shown in b): Top view of the rake face at the cutting edge of the milling insert, where area outside of
the region of interest (ROI) is covered by brass foil [11]. Approximate ROl dimensions
1600 pm x 300 um.

XRD measurements were conducted with a D8 Discover diffractometer (Bruker AXS,
Germany) in parallel beam geometry (40 kV, 35 mA, Cu Ka radiation). The diffractometer
was equipped with a Sol-X energy dispersive detector, an open (90°) Eulerian cradle and a
polycarpellary collimator. The same diffraction maximum (2 1 1) of the hexagonal WC phase
[12] at 28 angel of 117.3° was selected as in our previous work [11] for the stress
determination. The measured stress component was parallel to the straight portion of the
cutting edge of the milling insert. It is favourable to choose a diffraction geometry with
incident and diffracted beam orientated parallel to the long axis of the uncovered ROI to
minimize any shadowing of the ROI by the covering brass foil. Otherwise, the measurement
error, induced by the high amount of shadowed surface fraction, is increased. The effect
would be larger at tilted samples ({ > 0). Consequently, the w-method was selected for the
determination of the stress component [13]. Here, the measured stress vector lies in the
plane spanned by incident and diffracted beam and is parallel to the sample surface, while
the sample rotation axis w is perpendicular to incident and diffracted beam and parallel to
the sample surface. For the stress determination, the diffraction intensity was recorded in a
20 diffraction angle range from 114.6 - 119.1° and sample tilt angles { = w up to 35° as in
earlier work [11]. For the evaluation of the diffraction angles of the measured peaks, the
TOPAS 4.2 software [14] by Bruker AXS, Germany, was used. For each sample the residual
stress component parallel to the sample surface and parallel to the straight portion of the
cutting edge was then deduced from the slope determined by linear regression in the sin?{)
plot according to the formalism described in [13]. No stress components perpendicular to

the sample surface were taken in consideration.
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The rake and flank face surface topography was investigated by scanning electron
microscopy (SEM, Zeiss Auriga Crossbeam field emission gun). Furthermore, the chemical
composition of the surface was investigated by energy dispersive spectroscopy (EDX).
Selected milling inserts with 1,000 and 17,800 cuts as well as at end of service life (37,400
cuts) were prepared by means of focused ion beam technique (FIB) to visualize the damage

state after application.
Results and Discussion

The evolution of residual stress in the ROl with increasing number of tool-workpiece
contacts determined with the laboratory X-ray source and the cover-technique described
above is presented in Fig.4. The ROl in the virgin milling insert showed compressive residual
stress of -850+ 270 MPa. This finding corresponds well with results from synchrotron
residual stress measurements in [6] and results of neutron diffraction experiments with
uncoated hard metal specimens in [15]. In the early stages of use the residual stresses in the
WC phase changes dramatically within the ROI. After 10 cuts the compressive residual
stresses were reduced to approximately -140 + 120 MPa and already after 500 cuts tensile
residual stresses of about 300 + 80 MPa were observed. The highest tensile residual stresses
of approximately 930 + 230 MPa were found in a specimen with 1,000 cuts. This value
corresponds well with the value of about 1000 MPa found in exactly the same specimen by
synchrotron X-ray diffraction [6]. After about 10,000 tool-workpiece contacts the tensile
residual stress is decreased to a plateau value of about 500 MPa until the end of tool

lifetime.
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Fig.4: Residual stress data plotted as function of the number of tool-workpiece contacts: the data

were determined locally in a small region of interest (ROI) in a cutting insert as defined by a “cover
method” [11].

To document the surface topography and damage state at the rake faces of selected milling
inserts with 1,000, 17,500 and at the end of lifetime after about 37,400 cuts were
investigated by SEM, see Fig.5 a)-c). Small grey coloured frames in these overview images
indicate the positions of surface images with higher magnification located at the upper edge
of the chamfer as shown in Fig.5 d)-f). Fig.5 g)-i) show FIB cross sections with their respective
positions indicated by lines in Fig.5 d)-f). To produce a smooth FIB cut, a platinum layer was
deposited on the specimens prior to FIB cutting. This platinum layer appears as a bright film
on top of the dark grey workpiece material or on the grey coloured hard coating on the

cemented carbide substrate in Fig.5 g), h) and i).
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Fig. 5: SEM micrographs showing the surface topography of the rake faces of milling inserts after
different numbers of tool workpiece contacts i.e. cuts. Black frames in a), b) and c) indicate the
positions of d), e) and f) surface topography images with higher magnification. Lines in d), e) and f)
indicate the positions of FIB cross sections shown in g), h) and i). Bright top layers on top of cross

sections represent protective platinum layers.

The milling tests were stopped after 37,400 cuts because flank wear reached a critical
magnitude. Fig.6 shows the increase of cutting edge wear within tool life. A continued use of
the worn tool after 37,400 cuts would increase the risk of complete fracture of the insert.
The presented results indicate that at the investigated cutting conditions abrasive and
adhesive wear is the dominant damage mechanism.

Adhesive wear marks and abrasive wear, which look like grooves, were found in milling
inserts with more than 1,000 tool workpiece contacts, e.g. see Fig.5 e), f), h) and i). In the
Fig.5 h) the groove was in the adhered workpiece layer and in Fig. i) it was in the coating,
respectively. Width of the grooves tends to increase with increasing number of cuts, see FIB
cross sections in Fig.5 h) and i).

During cutting application this adhered workpiece layer seems to be removed and re-
created. After 17,500 cuts the milling insert exhibited a workpiece layer thickness of about
4 um (see in Fig.5 h)) whereas the milling insert at the end of lifetime had a much lower

thickness, see grey coloured arrow in Fig.5i). Additionally, workpiece material also
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completely filled up the grooves, as seen in the FIB cross sections in Fig.5 i). Along of these
filled groves, cracks were found normal to the cutting edge, see black arrows in Fig.5 e) and
f). The crack growth started from the surface and was stopped when the crack reached the
workpiece material/coating interface, documented in the FIB cross sections as black arrow in
Fig.5i). Nordin et al. [16] also found this kind of wear damage in form of grooves on their
milling inserts using austenitic steel as workpiece material.

Fig.6 shows SEM flank face surface of the milling inserts with 1,000, 17,500 cuts and end of
lifetime. During application the coating at the cutting edge is removed. Without the
protection of the coating wear damage is strongly increased. At the end of lifetime the
coating on the tool’s flank face is removed up to a distance of about 100 um from the cutting
edge, see Fig.6 c). The limiting factor regarding lifetime in the current test setup was that the

whole cutting edge was disintegrated.

Fig.6: SEM images of the flank face of used inserts after a) 1,000, b) 17,500 cuts and c) end of lifetime
(37,400 cuts).

In this test setup, neither macroscopic nor microscopic combcracks were observed in the
coating or WC-Co substrate. This result is not typical for milling experiments, mainly
documented in the literature. In most milling tests performed in the past, combcracks or
“thermal” cracks were always observed, independent of the important cutting parameters
feed rate, cutting speed and depth of cut [2],[17],[18]. For a certain test setup Bathia et al.
described a combination of process parameters under which no tool failure induced by
combcracks occurred due to subcritical thermal or mechanical tool loading [4]. For this
situation to occur, the feed rate and the cutting speed had to be lower than
0.1 mm/revolution and 1.5 m/s, respectively. In the current paper and in earlier work [6] a
feed rate of 0.4 mm/revolution and a cutting speed of 220 m/min (3.6 m/s) were applied.
Despite of the use of higher feed rate and cutting speed, wear damage and not combcrack
formation limited the tool lifetime. The parameter intervals for the described process field of
tool failure by cracks were also dependent on the radius of the cutting edge. A milling insert
with enlarged cutting edge radius widened the process parameter field in which wear before
fracture occurs [4].

In milling experiments in the past uncoated cutting tools were tested and investigated

[2],[3],[18]. The combined use of protective hard coatings along with chamfered cutting
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edges, which reduces the sharpness of the edge, seems to enlarge the process parameter
field of no tool failure induced by cracks effectively. Therefore, in the experiments wear

damage dominated the tool lifetime.
Summary and Conclusions

The evolution of residual stress in an area of 0.3 x 1.6 mm close to the cutting edge of coated
hard metal milling inserts over the complete tool life was successfully documented via X-ray
diffraction with a special covering technique. The residual stress values determined in a
virgin insert and an insert with 1,000 tool-workpiece contacts measured by in-house facilities
were comparable with the corresponding values found by synchrotron facilities in earlier
work. A virgin insert exhibits compressive residual stresses, already after 500 tool-workpiece
contacts the compressive residual stresses were completely removed and tensile residual
stresses of about 300 + 80 MPa were observed. The highest tensile residual stresses of
approximately 930 + 230 MPa were found in a specimen with 1,000 tool-workpiece contacts.
With increasing number of tool-workpiece contacts the tensile residual stress slightly
decreases and at end of lifetime the insert exhibits tensile residual stress of about 400 MPa.

The lifetime in the current test setup is determined by wear damage. No pronounced
combcracks were found in detailed SEM investigations including FIB cuts, neither in the

coating nor in substrate material.
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Abstract

In coated hard metal milling inserts the main damage mechanisms are thermal fatigue
induced by interrupted tool-workpiece contact and wear. Dependent on the magnitudes of
thermal and mechanical loads in two applied test setups, either wear or thermal fatigue in
form of combcracks is induced. The evolution of residual stress and damage in the used
milling inserts was documented over their complete lifetime. In a region of interest on the
tool rake face a significant buildup of tensile residual stress was observed via a synchrotron
based technique. A special preparation technique enabled position resolved measurements
in this area by in-house X-ray diffraction facilities to study the evolution of residual stress
over the entire tool lifetime. The onset of cracking was observed to happen in this region of
interest by means of focused ion beam milling and scanning electron microscopy. The
residual stress levels observed are comparable in used inserts at early stages of application,
independent of the different cutting conditions and the applied characterization technique.
At the end of tool life wear damage dominated inserts showed tensile residual stress,
whereas thermal fatigue as the dominant damage mechanism resulted in compressive

residual stresses.

Keywords: WC-Co; thermal fatigue; wear; X-ray diffraction; residual stress; milling tools
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Introduction

The dominant damage mechanisms in milling processes are wear and thermal fatigue [1],
the later induces characteristic cracks, that will be referred to as combcracks throughout this
paper. Wear damage is generally induced by two mechanisms: One is adhesive wear, in
which workpiece material sticks to the tool’s rake and flank face during cutting and the other
one is abrasive wear, where material is removed from the tool surface [2], [3]. Abrasive wear
kinetics are highly increased when debris in form of hard metal and coating fragments are
introduced by the shattering of exposed surface features such as combcrack flanks [1].
Combcracks appear in cutting tools after a certain number of load cycles with propagation
planes perpendicular to the cutting edge of a milling insert. Some authors postulated that
the temperature difference between heating upon cutting and cooling upon the idle period
in a cutting cycle is the key factor influencing damage [1], [5]. They assumed that the cyclic
thermo-shock fosters combcrack formation. During idle time, when high cooling rates are
effective, tensile residual stresses are created upon surface material contraction [1], [5].
Opitz et al. [1] expected that these residual stresses are oriented parallel to the cutting edge
and foster crack growth. Yellowley et al. [6] determined plastic deformation during cutting
which is localized close to the cutting edge - this initiates nucleation and growth of
combcracks [2]. Local plastic deformation at the tool edge is introduced by thermal stress
amplitudes induced by frictional heating [6]. A combination of these thermal stresses and
the sufficiently high load stresses can surpass the flow stress of a tool material at the present
temperature. Upon cooling, these loads can trigger the buildup of tensile residual stress in
the cutting edge of milling inserts. Cyclic mechanical loads in form of cyclic contact pressure
between chip and tool may also introduce local plastic deformation close to the cutting edge
[6]. Bathia et al. [7] described a combination of process parameters under which no tool
failure induced by combcracks occurs in intermittent turning of mild steel plates due to
subcritical thermal or mechanical tool loading. For this situation to occur, the feed rate and
the cutting speed have to be lower than 0.1 mm/revolution and 1.5 m/s, respectively. The
parameter intervals for the described process field of tool failure caused by cracks are also
dependent on the radius of the tool’s cutting edge. A milling insert with large cutting edge
radius widens the process parameter field in which wear rather than fracture determines
tool life [7].

Cyclic thermal shocks in coated steel discs and the resulting residual stresses were
investigated by Kirchlechner et al. [8]. The position resolved measurements with high lateral
resolution were enabled by using synchrotron based X-ray diffraction [9]. Teppernegg et al.
[4] found a significant tensile residual stress buildup on the rake face of a used milling insert

in a region of approximately 0.3 x 1.6 mm?2. In Fig. 64 the surface of milling insert’s rake face
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is shown. The dashed frame indicates the area of the position resolved residual stress
measurements and the black frame represent the position of the mentioned region of
tensile residual stress build up. This region will be referred to as region of interest (ROI). The
center of this ROl was located about 0.4 mm from the cutting edge [4]. In previous work,

tensile residual stress with a value of about 1000 MPa was detected in the WC phase of a

used milling insert in a direction parallel to the horizontal and straight part of the cutting
edge (see Fig.1) [4].
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Fig. 64: Results of stress measurements via synchrotron X-ray radiation taken from [4]. Top view of
the rake face of a used milling insert with 1000 tool-workpiece contacts. Dashed frame in a) indicates
the area of residual stress measurement shown in b) that represents a position resolved map of
residual stress acting in horizontal direction in the WC phase. Solid frame in b) indicates the area with
detected significant tensile residual stress buildup [4]. For the interpretation of the stress colored

scale bar we refer the reader to the online version of this article.

Currently, no data on the evolution of residual stresses in milling tools during the complete
tool life is available in the open literature. In the present work, the evolution of residual
stress in used milling inserts is compared during the complete tool life for two different test
setups. In addition, the resulting damage states are compared. In one setup the main
influence on tool lifetime is combcrack formation, in the other one wear damage is
dominant. The results shall illustrate the interaction of residual stress and damage for the

investigated milling test setup.
Experimental

Fig. 2 shows two different test setups for the milling experiments. In Fig.2a test setup A is
shown, Fig.2b illustrates test setup B, also used in [4] and [10]. The following test setup

parameters were the same in both test setups.
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e Milling inserts geometry

e Single edge synchronous milling arrangement

e Cut workpiece material

e Cutting speed of 220 m/min

e Depth of cut of 4 mm

e No use of cooling agents such as lubricants or cold air

e Milling tool holder referred to as “miller” in Fig.2 with a diameter of 125 mm

Start position End position Start position End position
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Fig. 2: Scheme of applied milling test setups with different cut segment lengths and feed rates of a)
96 mm and 0.5 mm/tooth referred to as test setup A and b) 800 mm and 0.4 mm/tooth referred to

as test setup B [4], [10]. Only one of six cutting inserts in tool-workpiece contact.

All investigated milling inserts were made of WC - 8 wt.% Co hard metal with an average WC
grain size of 1 um. They were coated with a TiAIN-based film having a thickness of 8 um,
deposited by cathodic arc evaporation. The insert dimensions were 6.35 x 11.4 x 10 mm3,
cutting edges were chamfered. The workpiece material was a 42CrMo4 steel in a normalized
state with an upper vyield strength of 400 N/mm?, workpiece dimensions were
800 x 96 x 200 mm?. The milling tests in test setup A were stopped after accumulates tool-
workpiece contact length (aTWCL) of 2.5, 36, 407.8, 611.7 m and at end of lifetime after
2 854.7 m. In test setup B the machining experiments were stopped after 10, 50, 500, 1000,
5 600, 9 600, 13 100, 17 700, 23 400, 26 200 and 37 400 tool-workpiece contacts. This
corresponds to aTWCLs of 0.51, 2.57, 25.72, 51.44, 288.06, 493.82, 673.86, 910.49, 1 203.7,
1347.73 and 1 923.86 m, more details regarding test setup B are given in [10].

The differences between test setup A and B are the start and end positions of the milling
tool (see Fig.2), the cut segment length, and the feed rate per tooth. The cut segment length
in test setup A was 96 mm and the applied feed rate was 0.5 mm/tooth. In test setup B the
cut segment length of 800 mm and a feed rate of 0.4 mm/tooth were used. Due to the
differences in the start and end position of the milling tool, the milling inserts in test setup A

experienced non-constant tool-workpiece contact lengths at the beginning and at the end of
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each cut segment. With increasing number of contacts, the tool-workpiece contact length
(TWCL) increased from 0.47 mm at the first cut within one cut segment length to 51.44 mm
after 92 cuts. Until TWCL reaches a constant value of 51.44 mm after 92 cuts, the insert
aTWCL of 2.5 m under non-constant cutting conditions. The milling inserts used in test setup
B cut the entire cut segment lengths under constant cutting conditions with constant TWCL

because the beginning and the end of the segment are removed by a dummy tool.

The residual stress state in the ROI (see Fig.1a) was determined in the direction parallel to
the straight portion of the cutting edge in the WC phase of the hard metal. The values of
residual stress were acquired in a depth region ranging from the interface between coating
and WC-Co substrate and ~ 5 um below this interface. The residual stress states of all milling
inserts were measured by a D8 Discover X-ray diffractometer (Bruker AXS, Germany) in
parallel beam geometry (40 kV, 35 mA, Cu Ka radiation). The diffractometer was equipped
with a Sol-X energy dispersive detector, an open (90°) Eulerian cradle and a polycapillary
collimator. The areas outside of the ROl were covered with a brass foil, see Fig.3. The
diffraction maximum (211) of the hexagonal WC phase at 117.3° 26 was selected for the
subsequent stress determination [11]. Brass was chosen as a cover material to avoid the
overlap of the diffraction peak (211) originating from the WC phase in the sample and the

cover material.

Fig.3: Stereomicroscopic image of a milling insert’s rake face prepared for residual stress
measurement in the region of interest (ROI). The rectangular area in the center of the image

represents the ROI, the other areas correspond to areas outside of the ROl covered by a brass foil.

Preliminary experiments showed that for the determination of the stress component parallel
to the straight portion of the milling insert’s cutting edge it is favourable to choose a
diffraction geometry with incident and diffracted beam parallel to this direction. These
beams penetrate the WC phase parallel to the long axis of the uncovered ROI to minimize

shadowing effects caused by the covering brass foil. Otherwise, the shadowed fraction of the
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rectangular ROl with a long axis a and a short axis b would be larger by a factor of five at the
same incidence angle 0 if symmetric incident and diffracted beam are assumed and no
sample tilt is considered (y = 0). The effect would be larger at tilted samples ({ > 0).
Consequently, for the determination of the stress component parallel to the straight portion
of the cutting edge, the w-method was selected [12]. For the stress determination,
diffraction intensity was recorded in a diffraction angle range 26 from 114.6 to 119.1° and
sample tilt angle  up to 35°. For the determination of the diffraction angle of the measured
peaks the TOPAS 4.2 Software [13] by Bruker AXS, Germany, was used. In each sample the
residual stress component parallel to the sample surface and parallel to the straight portion
of the cutting edge was then deduced from the slope determined by linear regression in the

sin? plot according to the formalism described in [14].

The rake face surface topography was investigated by scanning electron microscopy (SEM,
crossbeam field emission gun, Zeiss Auriga). The chemical composition of the surface was
investigated by X-ray spectroscopy (EDX) with an EDAX Apollo 40+ detector. Cross sections
of selected milling inserts of test setup A with aTWCLs of about 407.8, 611.7 and 2854.7 m
(end of lifetime) were prepared by means of the focused ion beam technique (FIB, Orsay

Physics Cobra Z-05 FIB extension) to document the damage state after application.
Results and Discussion
Residual stress evolution

The evolution of residual stress over the complete tool life of milling inserts tested by test
setup A and B is illustrated in Fig.4. Compressive residual stresses of 850 + 270 MPa were
found in the ROl of the virgin milling insert. These results correspond well with the
synchrotron residual stress measurements with values of about -600 MPa in the ROI as
presented in [4] and the results with values of -500 MPa in neutron diffraction experiments
of uncoated hard metal specimens given in [15]. They are comparable due to a similar
penetration depth of the synchrotron and the X-ray diffraction experiments. The use of 10
keV accelerating voltage in the synchrotron measurements results in a penetration depth of
about 1.3 um in the substrate. In the laboratory diffractometer an X-ray wavelength of 1.54
A (corresponding to an energy of 8 keV) was used, which corresponds to a penetration depth
of about 1.7 um. The data refer to the mean penetration depth up to which a fraction of (e -
1) /e=63% of the incident radiation is absorbed. Furthermore, the variation of the
absorption coefficient in the WC phase as a function of the applied wavelength as well as the
incident angle in each specific diffraction experimental setting have been taken into

consideration [16].
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Fig. 4: Residual stress determined on the rake faces of milling inserts tested in a) test setup A and b)
test setup B [10] plotted as a function of accumulated tool-workpiece contact length (aTWCL). Open
circle in a) represents specimen with first observed combcrack. The data were determined locally in a
small region of interest (ROI) close to the cutting edge by a “cover method” involving X-ray

diffraction with a laboratory X-ray source as described in the experimental section.

At very early stages of application, the residual stress evolution in the milling inserts is
comparable for both test setups. The detected compressive residual stresses in the virgin
insert are reduced after a few meters of aTWCL in both test setups. The insert tested in test
setup A, with 2.4 m of aTWCL already showed tensile residual stresses of 540 + 360 MPa (see
Fig.4a). After 1000 tool-workpiece contacts, which correspond to an aTWCL of 36 m in test
setup A and 51.4 m in test setup B, the highest tensile residual stresses of about 930
1+ 230 MPa and 950 + 170 MPa [10] were found. Both measured values correspond well with
the results of synchrotron measurements published in [4]. Until about 500 m of aTWCL the
residual stresses are comparable in inserts tested in both test setups. After 611 m of aTWCL,
the first combcrack appears in the ROI of an insert tested in test setup A (see open circle in
Fig.4a). The tensile residual stresses found in this specimen decrease significantly to about
100 MPa from a plateau value of about 500 MPa, found in inserts of comparable aTWCL in
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test setup B. At the end of lifetime, the residual stress state in the inserts tested in the two
test setups is considerably different. Compressive residual stresses of 310 £ 190 MPa were
observed in inserts tested in test setup A, in which thermal fatigue dominantly determines
lifetime. In contrast, a plateau of tensile residual stresses of about 500 MPa is present until
the end of lifetime in the inserts from test setup B, in which wear damage dominates (details
in [10]. The absence of a significant drop in the detected tensile residual stresses in Fig.4b)

indicates the absence of combcracks in inserts in the late phase of tool life.

When combcracks form on milling insert surfaces, tensile residual stresses relax around their
crack flanks and reduce the driving force for nucleation and growth of new cracks in their
vicinity [17]. Therefore, combrack density reaches a constant value after a certain number of
load cycles [5]. This saturation value and the number of cuts after which it is reached are

influenced by the cutting parameters [18].
Damage state

To document surface topography and damage state of the rake faces of selected milling
inserts SEM images were acquired from inserts tested in test setup A with an aTWCL of
407.8, 611.7 and 2 854.7 m. The corresponding SEM images are illustrated in Fig.5a-c.
Additionally, Fig.5a shows the surface topography of an insert close to its end of lifetime
with an aTWCL of 1923.86 m tested in test setup B. Black arrows in these overview images
indicate the positions of FIB cross sections, placed within the ROI at the position of the most
prominent combcrack, illustrated in Fig.5b. This position coincides with the position of the
significant buildup of tensile residual stress, documented in [4]. A platinum layer was
deposited on the specimens prior to FIB cutting to produce smooth FIB cross sections. This
platinum layer appears as a bright film on top of the darker workpiece material and hard

coating.
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Fig.5: SEM micrographs showing the surface topography of the rake faces of milling inserts tested in
test setup A after different accumulated tool-workpiece contact lengths of a) 407.8, b) 611.7 and c)
2854.7 m. Black arrows in a), b) and c) indicate the positions of FIB cross sections shown in d), e) and
f). White arrows mark b) and c) the positions of combcracks, d) a crack close to a metallic droplet
typical for arced PVD coatings. Bright layers on top of cross sections represent protective platinum

layers.

At early stages of application wear dominates the damage of the milling inserts. The FIB
cross section of the insert with an aTWCL of 407.8 m shows cracks close to a droplet, marked
by a white arrow in Fig.5d. Droplets are micrometre-sized coating defects and are typical for
arc evaporated coatings [19]. The cracks which appear around droplets were most likely
created upon tool loading. Tkadletz et al. [20] found a similar damage pattern in an arc
evaporated TiAlTaN coating after a ball on disc test. The first combcrack appeared in an
insert with an aTWCL of 611.7 m, see white arrow in Fig.5b and e. Upon its discovery the
combcrack had already penetrated coating and hard metal substrate. Its width was about
1 um at the surface and its length greater than 15 um, see FIB cross section in Fig.5e. With
increasing aTWCL the number of combcracks increased and at the end of lifetime the insert
showed seven combcracks, illustrated in Fig.5c. Additionally, the coating was partially
removed from the surface in an area of about 500 x 500 um? (see Fig.5c) and cracks with
growth planes parallel to the cutting edge were found. By the application of EDX in the FIB
cross section seen in Fig.5f, the dark layer above the hard metal substrate was identified as
workpiece material. EDX measurements showed that the combcrack itself was filled with
workpiece material and tungsten carbide fragments. Both crack flanks and edges were

shattered. The crack opening measured at the surface was approximately 6 um.

In contrast, the insert tested in test setup B showed no combcracks at its end of lifetime, see
Fig.6 [10]. Adhesive and abrasive wear dominates the tool lifetime, details described in [10].

Wear grooves were detected at the rake face surface that were filled with workpiece
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material, see Fig.6b. Within this workpiece material in the wear groove, small cracks were
observed, which started at the surface and stopped at the workpiece material/coating

interface, detailed described in [10].

Fig.6: SEM micrographs showing the surface topography of the rake face of an insert at end of
lifetime tested in test setup B [10]. Black arrows in a) indicate the position of a FIB cross section

shown in b). Bright layer on top of dark coating material represents protective platinum layer.

Even though the cutting parameters applied in test setup B were more severe than in cutting
applications in which wear was the dominant damage mechanism [7], wear rather than
thermal fatigue determines tool lifetime. This situation is only described for moderate
cutting parameters [7] or for reduced acting temperature amplitudes achieved by heating
the used inserts during application [1]. Many authors describe damage situations
comparable to the one observed in test setup A, independent from the cutting parameters
feed rate, cutting speed and cutting depth [1],[5],[18]. The parameter intervals for the
described process parameter field of tool failure due to cracking are also dependent on the
radius of the cutting edge [7]. A large cutting edge radius widens the process parameter field
in which wear before fracture occurs [7] and influences the tool tip loading situation [21]. In
contrast to the test setup described in [7], test setup B includes coated cutting inserts with
chamfered cutting edges. As to be expected, blunting and chamfering of the cutting edge
seem to enlarge the process parameter field in which tool failure is induced rather by wear

instead of combcracks.

Temperature amplitudes acting in milling processes are crucial to the nucleation and
propagation of combcracks [1]. The thermal shock that occurs when the milling tool moves
from the segment end to start position within about 3 s is more severe than in the short idle
periods of 96 ms between tool-workpiece contacts within a cut segment. In test setup A the
milling tool moved about 300 times between segment end and start position, in test setup B
only 20 times. The exact thermal load situation of the tool including heating and cooling

rates and amplitudes is currently under investigation via finite element simulation studies.
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Conclusions

The aim of the present work is to illustrate the evolution of residual stress and damage in
coated hard metal milling inserts over their complete lifetime for two different setups of a
milling application. In earlier work information on the location of a significant buildup of
tensile residual stress on the tool’s rake face was acquired using synchrotron facilities. A
special cover method facilitates the position resolved residual stress measurement in the

area of interest via X-ray diffraction using in-house X-ray sources.

In their virgin state milling inserts exhibit a compressive residual stress state. Already after
1000 tool-workpiece contacts tensile residual stresses of about 1000 MPa are observed in
inserts from both investigated test setups. In one of the two setups thermal fatigue loads
triggered the formation of combcracks that dominantly determined tool lifetime. Upon the
appearance of the first combcrack the detected tensile residual stresses decreased
significantly. Detailed SEM investigations including FIB cuts revealed that with increasing
accumulated tool-workpiece contact length the number and the opening of combcracks
increased. In contrast, tool life in the second test setup was determined by wear damage
and a plateau of tensile residual stress was present until the end of lifetime. The measured
residual stress values at early stages of application were comparable with corresponding

values found by synchrotron facilities in earlier work.

The current investigation indicates that the amplitudes of thermal loads and the magnitude
of thermal shocks have a major influence of the evolution of residual stress and damage in

coated hard metal milling inserts.
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Abstract

Post-treatment of coated hardmetal milling tools can enhance their application properties.
Local plastic deformation during cutting can lead to tensile residual stress build-up close to
the cutting edge where damage in form of comb cracks can be triggered. This work examines
the influence of post-treatment with different durations on the emergence of residual stress
and its influence on tool life. The residual stress state was determined with high lateral
resolution in the WC phase of differently post-treated inserts in the virgin state and after
1000 cuts via an in-house X-ray diffraction method. To document their damage state the

milling inserts were investigated by scanning electron microscopy.
Introduction

In milling processes there are two main damage mechanisms influencing tool lifetime, which
are wear and thermal fatigue [1]. The characteristic cracks that form show propagation
planes perpendicular to the cutting edge and will be referred to as comb cracks throughout
this paper [2]. Their nucleation requires a sufficiently high temperature difference between
heating upon cutting and cooling upon idle time [3]. The use of cooling lubricants aggravates
thermal shocks acting in the milling tools and therefore fosters comb crack formation,
whereas the use of heated inserts does supress comb crack initiation [3]. A combination of
thermal stresses induced by frictional heating [4] and mechanical loads in form of cyclic
contact pressure between chip and tool surface can surpass the flow strength of the tool
material at the cutting edge temperature [5]. This leads to local plastic deformation close to
the cutting edge, which in turn triggers a tensile residual stress buildup in the cutting edge
[5]. Opitz et al. expected that the direction of these tensile residual stresses induced in
cutting processes are oriented in a direction parallel to the cutting edge [3]. These tensile
residual stresses were detected experimentally, localized in an area of about 0.3 x 1.6 mm?
on the rake face of a used milling insert [6], which is hence referred to as region of interest

(ROI) and is illustrated in Fig.1a). The residual stress measurements performed with high
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lateral resolution in the WC phase were done via a synchrotron based X-ray diffraction
technique [7]. The black frame in Fig.1a) represents the position of the mentioned ROI [6].
The residual stresses parallel to the cutting edge in used milling inserts during their complete
tool life in this ROl were determined via a cover method in earlier work, see Fig.1b) [8]. After
36 m of accumulated tool-workpiece contact length (aTWCL) a peak in tensile residual stress
of about 1000 MPa was found [8].

1000
— & 7501
g y & ] ! % 500 .
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Fig.1: a) Position resolved residual stress map with high lateral resolution of the rake face of a used
milling insert with 1000 tool-workpiece contacts. Black frame in a) indicates area with significant
tensile residual stress buildup referred to as region of interest (ROI) [6], b) residual stress evolution of

used milling inserts over their complete lifetime [8].

Blasting processes as post-treatment for coated hardmetal cutting inserts can induce
compressive residual stresses in e.g. CVD (chemical vapor deposition) coatings and the WC
phase of the hardmetal substrate [9]. These compressive residual stresses lead to increased
tool lifetime [9]. Currently, no data on the influence of different post-treatment parameters

on the residual stress evolution in used milling inserts is available in the open literature.
Experimental

Fig.2 illustrates the single edge synchronous face milling arrangement, in which inserts with
dimensions of 6.35x 11.4 x 10 mm3, having a chamfered cutting edge, were tested. The
milling tests were carried out in the same way as described in more detail in [8]. The inserts
were made of WC-8 wt.% Co hardmetal with an average WC grain size of 1 um. All
investigated inserts were coated with a TiAIN-based film with a thickness of 8 um deposited

by arc evaporation.
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Fig.2: Scheme of applied milling test setup, as also used in [8].

The investigated milling inserts were post-treated via a dry blasting process. An injector
blasting plant was applied using spherical particles composed of zirconia, silica and alumina
with grain sizes ranging from 125 um to 250 um. The applied blasting pressure was 3 bar.
Three different blasting times were chosen. After 168, 252 and 336 seconds the blasting

process was stopped.

A 42CrMo4 steel in normalized state with an upper yield strength of 400 N/mm? and
dimensions of 800 x 96 x 200 mm3® was used as workpiece material. The performed
experiments were carried out without lubricant or cold air cooling. The cutting speed was
220 m/min, the milling tool holder referred to as “miller” exhibited a diameter of 125 mm
and the applied feed rate was 0.5 mm per tooth. At the beginning and the end of one cut
segment length of 96 mm the tool-workpiece contact length is not constant. With increasing
number of contacts, the tool-workpiece contact length (TWCL) increased from 0.47 mm at
the first cut within one cut segment length to 51.44 mm after 92 cuts. Until TWCL reaches a
constant value of 51.44 mm after 92 cuts, the insert’s accumulated tool-workpiece contact
length (aTWCL) was 2.5 m under non-constant cutting conditions at each beginning and end
of a cut segment length. The milling tests were stopped after an aTWCL of 36.00, 407.81,
815.60, 1631.25, 1631.28, 2039.10, 2446.90 m and at end of lifetime.

The residual stress state was determined in the tungsten carbide phase within the ROI in
inserts in a virgin state (value of aTWCL = zero) and after 36 m of aTWCL. The investigated
direction of residual stress was parallel to the straight portion of the cutting edge, more
details described in [8]. In addition, the residual stress state of a non-blasted virgin insert
was determined to be compared with results from blasted inserts. The information on
residual stress was acquired via a D8 Discover X-ray diffractometer (Bruker AXS, Germany) in
parallel beam geometry (40 kV, 35mA, Cu Ka radiation) in a depth region ranging from the
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interface between coating and WC-Co substrate and approximately 1.7 um below this
interface. The areas outside of the ROl were covered by brass foil to collect information on

the residual stress state from the ROI only, see Fig.3.

Fig.3: Rake face of used milling insert - areas outside of ROI are covered by brass foil [8].

The (211) diffraction peak of the hexagonal WC phase at 117.3° 20 was selected for the
subsequent stress determination [10] and therefore brass was chosen as cover material to
avoid the overlap of the peak. The w-method [11] was applied for stress determination; the
diffraction intensity was recorded in a diffraction angle 26 range from 114.6 to 119.1° and
sample tilt angle  up to 35°. In each sample the residual stress component parallel to the
sample surface and parallel to the straight portion of the cutting edge was then deduced
from the slope determined by linear regression in the sin?{ plot according to the formalism
described by Welzel in [12]. No stress components perpendicular to the sample surface were
considered. The rake and flank face surface topography of all used milling inserts was
investigated by scanning electron microscopy (SEM, Zeiss Auriga with Crossbeam field

emission gun).
Results and discussion:
Residual stress measurements

The residual stress state of inserts with aTWCL values of zero (virgin) and 36 m are illustrated
as a function of dry blasting time in Fig.4. The residual stress state of an insert after coating

deposition without blasting post-treatment is included in Fig.4.
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Fig.4: Residual stress data plotted as function of dry blasting time: Black squares indicate the residual
stress values measured in the ROl of inserts after post-treatment without any tool-workpiece
contacts. Grey squares represent results from used inserts with 36 m of accumulated tool-workpiece
contact length (aTWCL).

After coating deposition and before post-treatment via blasting the WC phase in the ROI
exhibits compressive residual stresses of about -570 MPa. All inserts with blasting times
greater than zero in the virgin state show compressive residual stresses. The observed values
of residual stress have no clear relation with the dry blasting time: A value of residual stress
of -600 MPa being very similar to the one from the non-blasted insert was observed in the
virgin insert with the lowest dry blasting time of 168 s. After 252 s of dry blasting, the
observed compressive residual stress reaches a value of about -1000 MPa. The insert with

336 s of dry blasting time exhibits a compressive residual stress value of about -130 MPa.

After 36 m of aTWCL all inserts show a change in their residual stress state - all specimens
exhibit tensile residual stresses. This tendency was also observed in earlier work [8],
compare Fig.1b). With increasing blasting time the determined tensile residual stresses in
the inserts increase from 300 MPa to 1900 MPa. It seems that short blasting times
decelerate the build-up of tensile residual stresses after a certain number of tool-workpiece

contacts compared to longer blasting times.
Damage state

Fig.5 shows the number of comb cracks observed in the SEM as function of aTWCL. The first

comb crack was visible in all inserts after 407 m of aTWCL independent of blasting time. In
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inserts which were blasted for 252 s and 336 s, the number of comb cracks increased with
increasing aTWCL. In contrast, the insert with the lowest blasting time developed its second

comb crack only after 815 m aTWCL.

The blasting duration had no significant influence on the lifetime. All inserts reached their
end of lifetime after 2446 m aTWCL. At end of lifetime, the insert which was blasted for 168
s had seven comb cracks. The insert, which was blasted for 252 s, did exhibit five comb
cracks and the insert, which was blasted for 336 s, possessed six comb cracks at the end of

lifetime.
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Fig.5: Detected number of comb cracks as function of the accumulated tool-workpiece contact length

(aTWCL). The different symbols indicate the inserts with different dry blasting time.

A SEM surface micrograph of a milling insert blasted for 168 s is shown in Fig.6 with the
positions of comb cracks indicated by white arrows. In industrial practice, the end of lifetime
is defined not by the comb cracks but the appearance of a kind of crack that runs parallel to
the cutting edge. It connects several comb cracks and therefore it increases the danger of
cutting edge breakage significantly. The position of this crack is indicated by black arrows in
Fig.6. This kind of crack appears very close to the end of lifetime and is induced by pure
mechanical fatigue as documented by its observation also in heated cutting inserts by other

authors [3].
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Fig.6: SEM surface micrograph of a milling insert’s rake face with a dry blasting time of 168 s at its
end of lifetime. White arrows indicate the positions of comb cracks. Black arrows indicate a crack
that runs parallel to the cutting edge connecting three comb cracks. The appearance of this kind of

crack determines the end of lifetime because of the increased danger of breakage of the insert.
Conclusions and Outlook

The residual stress state in hardmetal milling inserts coated with TiAIN-based films was
successfully characterized via an in-house X-ray diffraction technique including a special
covering method for enhanced lateral resolution. Inserts which were post-treated via dry
blasting with different blasting time were investigated in the virgin state and after milling of
36 m of accumulated tool-workpiece contact length (aTWCL). The inserts in the virgin state
exhibit compressive residual stress values from -130 MPa to -1000 MPa. No clear relation
was found between the value of residual stress in the inserts after deposition and dry
blasting and the applied dry blasting time. After the use of the inserts for 36 m of aTWCL all
inserts showed tensile residual stresses with values between 300 MPa and 1900 MPa. All
inserts reached their end of lifetime after 2446 m of aTWCL.

The blasting time had no significant influence on the evolution of tensile residual stresses
after 36 m of aTWCL, the creation of comb cracks and consequently on end of lifetime. The
influence of the variation of blasting pressure on the residual stress state in hard coating and
hardmetal substrate may be significant to tool lifetime and deserves attention in future

research activities.
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Inserts

T. Teppernegg’ 'p. Angererl, T. Klinsner?, C. Tritremmel®, C. Czettl?

! Materials Center Leoben Forschung GmbH, RoseggerstraRe 12, 8700 Leoben, Austria
2 CERATIZIT Austria GmbH, Metallwerk-Plansee-StraRe 71, 6600 Reutte, Austria

Abstract

Coated WC-Co hard metal milling inserts applied in milling application show thermal fatigue
induced by interrupted tool-workpiece contact and wear as the two main damage
mechanisms. Depending on the magnitudes of thermal and mechanical loads, either wear or
thermal fatigue in form of combcracks may be dominant and determine the insert’s lifetime.
The present work illustrates the evolution of residual stress in an arc-evaporated Ti-Al-Ta-N
coating for two different milling test setups, in one of which wear acted as the dominant
damage mechanism. In the other test setup thermal fatigue fostered the formation of
combcracks. Earlier work revealed a location on the tool’s rake face, referred to as region of
interest, with a significant buildup of tensile residual stresses in the WC phase of the
substrate using synchrotron facilities. The residual stress state in the coating was
determined in this region of interest by a cover method on the tools’ rake faces after a
defined number of cuts by X-ray diffraction using in-house facilities. In the wear dominated
test setup, compressive residual stresses remained present until the end of tool life in
coatings. Tensile residual stresses were found in coatings on inserts in which thermal fatigue

was dominant.

Keywords: Ti-Al-N; thermal fatigue; wear; X-ray diffraction; residual stress; elastic constants;

milling tools
Introduction

Thermal fatigue and wear are the dominant damage mechanisms in milling application [1].
The former one induces characteristic cracks (see Fig.1), which are commonly referred to as
combcracks. Wear damage is usually initiated with adhesive wear, in which workpiece
material sticks to the insert’s rake and flank face during application [2], and abrasive wear at

the tool surface [3]. The kinetics of abrasive wear is increased when debris in form of coating
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and hard metal fragments are produced by the crushing of surface asperities such as

combcrack flanks [1].

]

Fig.1: Scanning electron microscopy micrograph of a milling insert’s rake face at the end of lifetime.
The black rectangle indicates the position of the region of interest (ROI) in which significant tensile

residual stress build-up was observed in the WC phase [10].

After a certain number of tool-workpiece contacts, combcracks appear with propagation
planes perpendicular to the cutting edge (see Fig.1). In the literature, some authors
postulated that temperature differences between heating upon cutting and cooling upon the
idle period in a cutting cycle are the key factor to combcrack initiation [1], [3], [4]. The
recurrent thermo-shock with high cooling rates during idle time which induce periodic
surface material shrinkage fosters tensile residual stress creation [1], [4]. Opitz et al.
expected that the direction of tensile residual stresses is oriented parallel to the cutting edge
that leads to the formation of combcracks [1]. The use of cooling agents leads to intensive
thermo-shock acting in milling inserts, which fosters combcrack creation [5]. Milling with
heated inserts suppresses the crack propagation by lowering the temperature differences at

tool edges [1].

Yellowley et al. expected plastic deformation during cutting that is localized close to the
cutting edge [6]. This local plastic deformation is introduced by thermal stress amplitudes,
induced by frictional heating [7], which initiate the nucleation and growth of combcracks [2],
[7]. At the present cutting temperature a combination of thermal stresses and sufficiently
high load stresses can exceed the flow stress of a tool material and provoke the buildup of

tensile residual stress close to the cutting edge upon cooling. Plastic deformation close to
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the cutting edge may also be introduced by cyclic mechanical load in form of cyclic contact

pressure between chip and insert [6].

Teppernegg et al. detected a significant tensile residual stress build-up in the WC phase on
the rake face of a used milling insert in a region of approximately 0.3 x 1.6 mm? [8] (see
black rectangle in Fig.1) via position resolved synchrotron X-ray diffraction with high lateral
resolution [9]. Positon resolved residual stress measurements in the WC phase using
laboratory X-ray sources and a special cover method did yield results similar to the ones
from synchrotron measurements in this region of interest [10]. Details regarding the two
compared test setups are described elsewhere [10]. At early stages of application, the
residual stresses in the milling inserts are similar for both test setups: At the virgin state the
residual stress state is compressive but within 1000 tool-workpiece contacts (also “cuts”) it
changed to a tensile state. Upon the appearance of the first combcrack the detected tensile
residual stresses decreased significantly in the WC phase in inserts, in which thermal fatigue
was dominant, whereas tensile residual stresses remained constant until the end of lifetime

in the wear dominated test setup [10].

Nowadays, hard coatings are used to enhance the wear and thermal fatigue resistance of
milling inserts. Currently, no data on the evolution of residual stress in milling insert’s
coatings during a tool’s lifetime is available in the open literature. In the present work, the
evolution of residual stresses in the coating of used milling inserts is compared for two
different test setups. The influence of the chemical composition of the coating on the elastic
constants such as Young’s modulus E, Poisson ratio B and X-ray elastic constant 1/2 s, in
dependence of the crystallographic plane is discussed. These results shall illustrate the
interaction of residual stresses with the observed damage states in [10] and [11] of the

investigated milling inserts.
Experimental

The coating investigated within this work was deposited on a 8 wt.% Co WC-Co hard metal
milling insert (6.4 x 11.4 x 10.0 mm?3) with an average WC grain size of 1 um. An industrial
scale cathodic arc evaporation system (Oerlikon Balzers RCS) was applied for deposition of a
Ti-Al-Ta-N coating with a thickness of 8 um. All milling inserts did exhibit a chamfered cutting
edge and cut a block (800 x 96 x 200 mm3) of 42CrMo4 steel in a normalized state with an
upper yield strength of 400 N/mm?.

The used milling test setups A and B are presented in Fig.2a) and Fig.2b), respectively.

Details on machining parameters are described in [10] for both test setups. The same milling
insert geometry and steel workpiece material were used in both test setups. All tests were
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done in a single edge synchronous milling arrangement without cooling agents such as liquid
lubricants or cold air. To foster thermal fatigue damage in test setup A, the cut segment
length was reduced to 96 mm and a different start and end position compared to test setup

B were chosen [10].
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Fig.2: Scheme of single edged milling arrangements with different cut segment length of a) 96 mm

referred to as test setup A [10] and b) 800 mm referred to as test setup B [8], [11].

The start and end position in test setup A lead to non-constant tool-workpiece contact
length (TWCL) at the beginning and the end of each cut segment. With increasing number of
cuts, the TWCL increased from 0.47 mm at the first contact within one cut segment length to
51.44 mm after 92 cuts. The insert cuts an accumulated tool-workpiece contact length
(aTWCL) of 2.50 m under non-constant cutting conditions. After 92 cuts the TWCL remains
constant at 51.44 mm for 100 cuts to become non-constant again for another 92 cuts at the
end of the cut segment. The milling inserts in test setup B experienced constant TWCL
throughout a cut segment because the beginning and the end of the cut segments are
removed by a dummy tool. The milling experiments in test setup A were stopped after an
aTWCL of 36.0, 407.8 and 611.7 m and at end of lifetime. After 611.7 m of aTWCL the first
combcrack appeared. In the insert at end of lifetime the determination of the residual
stresses in the coating was not possible because of delamination of the coating within the

region of interest (ROI), see Fig.1 [10].

In test setup B the milling tests were stopped after an aTWCL of 51.4 m, 493.8 m and at end
of lifetime at 1923.8 m. No combcracks were observed in the insert at end of lifetime that

was determined by flank wear.

The residual stress state in the ROl (1.6 x 0.3 mm?) (see Fig.3) was determined in the
direction parallel to the straight portion of the cutting edge (see Fig.1) in the cubic TiN phase

of the coating.
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Fig.3 Light optical microscopy image of the rake face of one of the investigated milling insert, which is
prepared for position resolved X-ray diffraction in the region of interest (ROI, 1.6 x 0.3 mm?). Areas
outside of this region were covered by a lead foil, which is fixed by a double faced-adhesive tape. Red

dashed rectangle indicates size and position of an enlarged ROI described in the text (1.6 x 0.6 mm?).

The residual stress was determined with a mean penetration depth of about 4 um. This
depth results from the actual diffraction geometry and the chosen radiation wavelength. In
one specimen with an aTWCL of 407.8 m, which corresponds to 4000 cuts at constant TWCL,
under test setup A conditions, one additional measurement was done in a vertically enlarged
ROI with unchanged horizontal position (1.6 x 0.6 mm?), see red dashed rectangle in Fig. 3.
This served to assure the lateral localization of the residual stresses in the coating in analogy
to the residual stresses in the WC phase as determined in earlier work via synchrotron X-ray
diffraction [8].

The residual stress states of all milling inserts were determined by a D8 Discover X-ray
diffractometer (Bruker AXS, Germany) in parallel beam geometry (40 kV, 40 mA, Cr Ka
radiation). All measurements were done using a Sol-X energy dispersive detector, an open
(90°) Eulerian cradle and a polycapillary collimator. The areas outside of the ROl were
covered with a lead foil, which was fixed by a double-faced adhesive tape, see Fig.3. The
diffraction maximum (100) of the cubic TiN phase at a diffraction angle 26 of 66.8° was
selected for the subsequent stress determination [12]. Lead was selected as a proper cover
material for regions outside of the ROl to avoid any overlap of the diffraction peak
originating from the TiN phase in the coating and the cover material. The stress component
parallel to the straight portion of the milling insert’s cutting edge was determined.
Corresponding stress determination experiments in the WC phase as described in [8] and
[10] showed that it is favourable to select a diffraction geometry with incident and diffracted
beam orientated parallel to this direction to minimize shadowing effects caused by the

covering lead foil. This effect would be enlarged at tilted samples (¢#20) as well as if a



rectangular shaped ROI with a large aspect ratio is considered. Consequently, the w-method
[13] was selected for the determination of the stress component parallel to the straight
portion of the cutting edge. The diffraction intensity was recorded in a diffraction angle
range 20 from 64.2° to 69.0° and a sample tilt angle ¢ up to 20.0°. For the background
correction a diffractogram of a lead foil sample was determined with the same
measurement parameters as the actual stress measurements. For each diffraction angle 29
and for each tilt angle ¢ the observed diffraction intensity /sgmpe Was corrected according to
the relation l.or (0, W) = lsampie(3, Y) -Ipp(T, ). The subsequent data reduction was performed
using the corrected diffraction intensity. The diffraction angles of the measured diffraction
maxima were then determined by TOPAS 4.2 software (Bruker AXS, Germany) [14]. For each
sample the residual stress component parallel to the surface and parallel to the straight
portion of the cutting edge was then deduced from the slope determined by linear

regression in the sin?y-plot according to the formalism described in [15].
Results and discussions

The residual stress is calculated according to the modified fundamental relation (see Eq. 1)
given e.g. in [15] from the regression in a diagram strain vs. sin2¢l in which only the stress

component parallel to the cutting edge was considered.

s(y) = ?-ﬁ-sin2w+%-[—2-v-ﬁ] (1)

The slope o x (1 + v) / E in such a diagram can then be interpreted as the residual stress in
units of the reciprocal X-ray elastic constant £ / (1 + v). For now, a quantitative discussion of
the XRD results will refer to this parameter due to uncertainties in the elastic constants of
the coating material, which depend on its exact chemical composition and on its possible

anisotropy (texture).

The evolution of residual stresses in the Ti-Al-Ta-N coating as a function of aTWCL is shown
in Fig.4. In test setup A, in which combcracks are the dominant damage form, the residual
stresses until the first appearance of a combcrack after milling 611.7 m aTWCL are illustrated
in Fig.4a). The residual stress evolution during the complete tool life in specimens tested in
the wear dominated test setup is shown in Fig.4b). The open circle Fig.4a) indicates a result

from the enlarged ROI explained before.

LI



Test setup A

a)
-0.024L v T . . . . . :
0.03

Test setup B
0.02-

0.011

0.00- ;

4101j§ 3
b)

-0.02L,

0 500 1000 1500 2000
aTWCL [m]

Residual stress / [E/ (1 + V)] []

Fig.4: Residual stress determined in a Ti-Al-Ta-N coating on the rake face of milling inserts tested in a)
test setup A and b) test setup B. All results were determined locally closed to the cutting edge in
region of interest with dimension of 1.6 x 0.3 mm? (closed symbols). The open circle in a) indicates

residual stress data of an enlarged ROI of about 1.6 x 0.6 mm? (see Fig.3).

Compressive residual stresses of about -7.2x10°xE/(1+ 1) were found in the virgin
specimen. In test setup B the residual stresses remained in compression in a range
from -1.6 x 10> to -11.0 x 10> x E / (1 + V) throughout the whole tool lifetime. In test setup A
the residual stress state changed within a few meters of aTWCL - after 1000 cuts, which
correspond to 36 m of aTWCL, tensile residual stresses of about 6.1 x 103%x E/ (1+ v) were
determined. In a specimen with 407.8 m of aTWCL the tensile residual stresses were
observed to have increased to about 16.9x10°xE/(1+ V). Also the specimen which
contained the first observed combcrack, the residual stress state was found to be in tension.
These tensile residual stresses were shown to be localized in lateral vertical direction in the
ROI (0.3 x 1.6 mm, see Fig.3) by comparing results from it and the enlarged ROI
(0.6 x 1.6 mm) in one and the same specimen: Residual stress determined in the enlarged
ROI showed a value close to zero (see open circle in Fig.4a)). This result is interpreted as an

averaging of tensile and compressive residual stresses inside and outside of the ROI, as
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revealed to be present in the WC phase via position resolved residual stress measurements

using synchrotron radiation (see in [8]).

In the WC phase the evolution of the residual stresses is similar at early stages of application
independent from the investigated test setup [10]. In the coating the evolution of residual
stresses was different and was dependent on the used test setup. Today it is not completely
understood, in which region of the substrate-coating composite combracks nucleate. In test
setup B, in which wear damage was dominant and no combcracks were observed [11], the
compressive residual stresses in the coating may have prevented combcrack formation. In
test setup A, the coating (see Fig.4a)) and the WC phase [10] did exhibit tensile residual

stresses which possibly promoted the nucleation and growth of combcracks.

In contrast to the evolution of residual stress observed in the WC-Co substrate in test setup
A 0, the tensile residual stresses in the coating did not decrease when the first combcrack
appeared. In the WC phase the found tensile residual stresses decreased and at end of
lifetime the residual stress state was compressive [10]. Tkadletz et al. found cracks around
droplets, being inhomogeneities found in arc evaporated coatings [16], induced by shear
stresses after ball on disc tests 0. In both test setups, arising cutting forces may foster the
introduction of this kind of cracks. However, if they are present in the coating, their
orientation, density and/or distance to one another [18] did not lead to the reduction of the

observed residual stresses to zero (see Fig.4).

In the present work the influence of the Al content in the cubic Ti,,Al,N phase on the elastic
constants Young’s modulus E, Poisson ratio v and the X-ray elastic constant
1/2s,=(1+ v)/ E was closely inspected. All their values given in Fig. 5 are based on the
tensor of elastic constants as calculated by first principle density-functional theory and
experimentally verified by Tasnadi et al. [19]. Calculated in accordance with the models of
Voigt [20] and Reuss [21] for the crystallographic directions [100] and [111] in the cubic

phase they display a clear dependence on the crystal’s Al content.
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Fig.5: Elastic constants plotted as function of the Al content in a cubic Tiy,Al,N phase as recalculated
from [19]: a) Young’s modulus, b) Poisson ratio, and c) X-ray elastic constant. The values of the elastic

constants refer to different crystallographic directions in the cubic cell (Miller indices are given).

As displayed in Fig.5a) the Young’s modulus calculated according to Reuss’ model decreases
and increases with rising Al content in the [100] and [111] direction, respectively. Young’s
modulus derived by the Voigt model increases with the Al content (see Fig.5a)). The Poisson
ratio decreases with increasing Al content using the Reuss’ model for the [111] direction and
the Voigt model, and increases, when the [100] direction is evaluated applying the Reuss
model (Fig.5b)). The X-ray elastic constants 1/2 s, =(1 + v) / E in [100] direction according to
Reuss” model rise with increasing aluminium content whereas the corresponding values in

[111] direction and the ones calculated using the Voigt model decrease (see Fig.5c)).

An example shall illustrate the relevance of the performed evaluation: The compressive
residual stresses in the virgin milling insert can be numerically calculated based on the

different elastic constants influenced by the coating’s Al content (cf. Fig.5). In the
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crystallographic [100] direction these residual stresses vary from -3.2 to -2.0 GPa, calculated
using the Reuss’ model with elastic constants of TiN and Tip33AlpesN, respectively. The
difference of residual stresses calculated using the Voigt model with elastic constants of TiN
and Tig33AlgesN is negligible - the values varied between -2.7 and -2.8 GPa, respectively.
Calculations of residual stresses using Reuss elastic constants for the crystallographic [111]
direction yield values from -2.4 GPa for TiN to 3.3 GPa for Tig 33Alp gsN.

The actual elastic and X-ray constants of the Ti-Al-Ta-N coating can be influenced by
structural and chemical inhomogeneity, e.g., preferred grain growth directions, grain
orientation and droplets originating from the arc deposition process, as well as a variable Ta

content. These topics deserve attention in future research activities.
Conclusions

The aim of the present work is to show the evolution of residual stresses in an arc
evaporated Ti-Al-Ta-N coating deposited on hard metal milling inserts during tool lifetime for
two different milling test setups. Earlier work revealed a location on the tool’s rake face
referred to as region of interest (ROI), with a significant buildup of tensile residual stresses in
the WC phase using synchrotron facilities. A special cover method facilitated the position
resolved determination of residual stress in the ROl (1.6 x 0.3 mm?) via X-ray diffraction
using in-house X-ray sources. This cover method involved the use of lead foil to cover areas
outside of the ROI. In the virgin coating compressive residual stresses were detected. In the
first analysed test setup, in which mainly wear damage limited the tool lifetime, the residual
stresses in the coating remained in a compressive state until end of lifetime. In the second
investigated test setup, in which thermal fatigue triggered the formation of combcracks,
tensile residual stresses were observed in the coating already after 1000 tool-workpiece
contacts. These stresses increased with increasing number of cuts and remained in tension
when the first combcrack appeared. The tensile residual stress values provided in this work
were expressed in units of the reciprocal X-ray elastic constant E /(1 +v) due to certain
uncertainties in the elastic constants of the coating material, which depend on its exact

chemical composition and on its possible anisotropy (texture).

Since it is not completely understood, in which region of the substrate-coating composite
combcracks nucleate, further efforts in this field are necessary. Also, the influence of alloying
elements on crystallographic elastic constants deserves attention in future research

activities.
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Abstract

Understanding of the load situation and consequently the lifetime of cutting tools made of
WC-Co hard metal requires quantitative data for thermo-mechanical properties. For the
elevated temperatures present in application, these data are currently rather rare. The
present work does discuss elastic material properties up to 1100 °C and compressive yield
strength up to 900 °C, both as a function of Co content. The fracture toughness was
determined as a function of the WC grain size and Co content up to 800 °C. Young’s modulus
and vyield strength decrease with increasing temperature. A significant rise in fracture
toughness was observed at 800 °C with increasing Co content and decreasing WC grain size.
A possible reason for this increase is an increase in the plastic zone size at elevated

temperatures.

Keywords: WC-Co hard metal, elastic properties, yield strength, fracture toughness, high

temperature properties, CTOD
Introduction

W(C-Co hard metal (HM) is the preferred material for wear components and cutting tools in
metal machining since the 1920s [1]. Especially cutting inserts have to endure high
mechanical and thermal loads during application. These loads depend on the tool geometry,
the cutting parameters (cutting speed, feed rate etc.), the use or absence of lubricants and

the workpiece material being machined [1].
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The finite element (FE) method is a powerful tool for advanced tool design via simulation of
the cutting process including the estimation of mechanical and thermal tool loads [2]. The
realistic simulation of strains and stresses in the WC-Co substrate during cutting and their
effects on lifetime requires detailed knowledge of the mechanical properties, in particular
Young’s modulus E and shear modulus G, Poisson’s ratio v, yield strength R, fatigue
strength and fracture toughness Kic. Also the thermo-physical properties are necessary to
develop adequate material models for FE simulation [3]. For 25 °C, i.e. room temperature
(RT) most of the relevant data [4] are available in the literature but for higher temperatures
they are rare. There is some information available on high temperature K¢ [5],[6],[7] and
yield strength determined by three point bending [8] and four point bending [6],
respectively. Si Mohand et al. determined E of a single HM grade up to 1000 °C using a four
point bending test setup [6]. A systematic investigation on the influence of Co content and
WC grain size on the mechanical properties of hard metals as a function of temperature is
not documented in literature. The focus of this work is to provide missing data on E, G, v,

Rpo.2 and K¢ at elevated temperatures.
Experimental

A range of mechanical properties of six hard metal grades shown in Fig. 1 was investigated as
a function of temperature: Four HM grades, denoted A, B, C and D, are varied in Co content
at a similar average WC grain size. Two additional grades, being E and F, have the same Co
content as C but vary in WC grain size. All investigated HM grades contained 2 wt.% of a

mixture of titanium-, tantalum- and niobium-carbides.
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Fig.1: Overview of the investigated hard metal (HM) grades. A variation of Co content at a constant
average WC grain size includes HM grades A, B, C and D whereas HM grades E and F have different

average WC grain size at a constant Co content.

All HM grades were produced via a powder metallurgical route and sintered at a
temperature of about 1400 £ 50 °C. The Young’s- and shear modulus were determined in a
vacuum furnace via a resonant beam technique, using rectangular bar specimens with
dimensions of 45x4x3 mm3. At each temperature step, a spectrum (resonance intensity as a
function of the frequency) is measured, from which the eigenfrequencies of the bar can be
acquired. The difference between the calculated eigenfrequencies and the measured
eigenfrequencies is then minimized using the elastic constants as variables of the fit [9]. The
Poisson’s ratio was determined indirectly according to Eg.1 [10]. The Young’s moduli were
determined from RT to 1100 °C, the shear moduli and Poisson’s ratios only up to 700 °C,
because the higher eigenfrequencies necessary to fit them could not be determined reliably
above 700 °C.

v=2xs—1 (1)

WC-Co hard metals exhibit elevated levels of flow stress and limited ductility. Therefore, the
determination of their compressive yield strength R,o.» requires special measures in terms of
the applied specimen geometry to assure a high resistance to buckling under compressive
loading and a small sample diameter to limit the forces necessary for testing, for further
details see [11]. The used specimen geometry represents a compromise between the

mentioned requirements. It exhibits a non-constant cross section with a minimum diameter
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of 5.5 mm (see Fig. 2). It was used for the HM grades A, C and D in static uniaxial tests under

compression loading conditions using a servo-hydraulic testing machine (Instron 8803).

Fig.2: Specimen for uniaxial compression tests.

The experiments were carried out from RT to 900 °C under ambient atmosphere, the heating
was performed inductively. Strain measurements were done contactlessly via a laser
extensometer (P - 2S- 50 / 400 Hz, Fiedler Optoelectronic GmbH) within a gauge length of
8 mm. The attained strain values required correction since they represent a mean
stress-strain response of different specimen diameters. The correction was performed by
means of a finite element model with the specimen’s geometry, with its Young’s modulus
and the experimentally attained load-displacement curves as input parameters. All
experiments were done at a strain rate of 5x10° s™*. The compressive yield strength Rpo.2 was

determined at a plastic strain of 0.2 % using the corrected stress-strain curves.

High temperature (HT) fracture toughness was determined by single edge notched bending
(SENB) tests with testing condition associated with the standard ASTM E399 [12] with the
notch refined by a razor blade. Presented values represent results from three rectangular
bar specimens for the HM grades A, D, E and F. Error bars are derived from standard
deviation of the attained values. The specimen dimensions were 36x7x4 mm?3 (LxWxB), the
distance between the two outer supports was 32 mm. The fatigue crack was introduced via
cyclic compression at a stress ratio R of 10 with a stepwise increase of the applied stress
intensity factor range AK until a fatigue crack was detected. The lengths of the fatigue cracks
ranged between 30 um and 100 um. The experiments were done using a spindle drive
testing facility. Tests at RT and 300 °C were performed under ambient atmosphere, for tests
at temperatures from 500 up to 800 °C vacuum conditions were chosen to avoid oxidation of
crack flanks. Surface topography of the fracture surfaces attained in the SENB experiments
was studied by scanning electron microscopy (SEM, crossbeam field emission gun, Zeiss
Auriga). The average roughness R, of areas as large as 25x30 um? on the fracture surface
located close to the transition zone to the fatigue pre-crack fracture surface was determined

for the HM grades A, D, E and F from SEM micrographs using the software package Alicona
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MEX. A cross section of a fracture surface of HM E tested at 800 °C was prepared by means

of focused ion beam milling (FIB, Orsay Physics Cobra Z- 05 FIB extension).
Results and Discussion
Young’s modulus

The Young’s modulus E is shown as a function of temperature for HM grades with a variation

in Co content in Fig. 3a) and in WC grain size in b), respectively.
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Fig.3: Young’s modulus E as function of temperature in dependence on a) Co content (see Fig. 1) and

b) average WC grain size (see Fig. 1).

At RT E depends solely on the Co content as it decreases with increasing Co content, see Fig.
3a), whereas it is independent of the WC grain size, see Fig. 3b). The observed values of E are
in good agreement with results found for RT by Doi et al. who also compared their values

with results from rules of mixture [13]. Doi et al. were the first to describe a decrease of E
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with increasing Co content and its independence of the WC grain size at RT [13]. As shown in
Fig. 3, E decreases steadily with increasing temperature showing a pronounced drop above
800 °C. Mohand et al. determined E for a HM grade with 6 wt.% Co and a mean WC grain
size of 2 um via a high-temperature four point bending test setup [6]. They assumed only
linear elastic material behaviour when calculating it from load-displacement data [6]. At 800
and 1000 °C this HM grade did show E values of 361 + 30 GPa and 193 + 20 GPa, respectively
[6]. Their values are significantly lower than those observed in the current work. This is most
likely due to the neglection of significant plastification of the specimen surface in bending
experiments at elevated temperatures at which the yield strength is significantly reduced

compared to RT.
Shear modulus

The dependence of the shear modulus G on temperature for the HM grades with a variation

in Co content is shown in Fig. 4a) and with a variation in WC grain size in Fig. 4b).
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Fig.4: Shear modulus G as function of temperature in dependence on a) Co content and b) average

WC grain size.

In the investigated temperature interval G is not significantly influenced by the WC grain size

and it decreases only slightly with increasing Co content. This corresponds well with findings

described in [13]. At RT the measured G values correspond well with literature findings [4].

Poisson’s ratio

The Poisson’s ratio v as function of temperature is illustrated in Fig. 5.
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Fig.5: Poisson’s ratio v as function of temperature in dependence on a) Co content and b) average

The values of v are influenced neither by the Co content nor the WC grain size, nor the

temperature in the investigated parameter interval. All RT values of the investigated HM

Stress-strain curves for the selected HM grades A, C and D attained under compressive

loading are presented from RT up to 900 °C in Fig. 6. The tests were stopped without
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Fig.6: Stress-strain curves attained under compressive loading for the HM grades A, C and D at a)
room temperature (RT), b) 200 °C, c) 400 °C, d) 600 °C, e) 800 °C and f) 900 °C.

In the investigated temperature range the compressive yield strength decreases with
increasing Co content as observed at RT by Kliinsner et al. [14]. The differences in yield
strength between HM grades with 6 to 12.5 wt.% Co observed in the current work decrease
with increasing temperature. Co content differences < 2 wt.% do not lead to significant
differences in flow behaviour, see Fig. 7. All HM grades show remarkable strain hardening
that decreases with increasing temperature, see Fig. 6. At RT the compressive yield strength

Rpo.2ranges from 4400 to 3800 MPa, at 900 °C from 750 to 620 MPa (see Fig. 7).
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Fig.7: Compressive yield strength R, ,of selected HM grades A, C and D as function of temperature.

These results are comparable with stress-strain curves determined at elevated temperature
via 3 point bending tests at a strain value of 0.5 % [8]. At 1000 °C the flow behaviour of a HM
grade with 11 wt.% Co [8] is similar to the one of HM grades C and D at 900 °C determined in
the current work. Milmann et al. investigated the HT hardness of WC-Co which decreases
with increasing temperature down to a value of 50 % of the RT hardness at 800 °C [15].
Analogously to the evolution of HT hardness also the yield strength Ry, decreases with
increasing temperature, see Fig. 7. At RT the respective values of HM grades A and D are
comparable to literature values being -4850 and -3560 MPa for HM grades with respective
Co content of 6 and 12 wt.% and a similar respective average WC grain size [11]. At 900 °C
the HM grades A, C and D exhibit only about 15 % of their RT yield strength. At RT the HM A
with the lowest Co content of 6 wt.% shows a significantly higher Ryo.>than HM grades with

higher binder content.
Fracture toughness

The fracture toughness Kjc as a function of temperature for the HM grades with varied Co

content is given in Fig. 8a), and varied WC grain size in Fig. 8b).
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Fig.8: Fracture toughness K- as function of temperature in dependence on a) Co content and b)

average WC grain size.

Kic of the mentioned grades ranges from 8.7 to 12.1 MPavm remaining almost constant
between RT and 700 °C. This behavior is comparable with findings from literature [5], [6], [7]
Some authors indicated that at RT an increase of K¢ was induced by an increase in Co
content but their investigated HM grades did not exhibit a constant mean WC grain size
[5],[16].

Above 700 °C the Co content has a significant influence on K, see Fig. 8a). At 800 °C HM
grades C and D exhibit Kic values of about 17.7 and 14.6 MPavm, respectively, which are well
above the plateau observed at lower temperatures. K,c of HM grades A and B, obtained at
800 °C, remains within the plateau. For HM grades very similar to HM A, other authors also
detected a rise in K¢ with increasing temperature [5], [16]. At 800 °C the HM F with the
smallest mean WC grain size exhibits the highest K¢ of about 17.5 MPavm. HM grades C and

E with coarser mean WC grain size possess Kjc values of about 14.5 and 14.3 MPaVvm, see Fig.
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8b). The trend towards increasing Kic with decreasing WC grain size is comparable with
findings from literature, in which two HM grades with the same Co content and mean WC

grain sizes of one and two micrometers were compared [5].

The crack tip opening displacement CTOD gives information on how much the crack has to
be opened to trigger propagation. There is a relation between the size of the plastic zone r,
located in front of the crack tip, calculated according to Irwin (see Eq. 3 - plain strain) the
Rpo.2and the Kic value [17].

=1, Kce
=l XGo) 3)
The stresses acting in the SENB tests were much lower than Ry, (see Fig. 7) therefore Eq. 4
can be used for calculation of CTOD requiring Young’s Modulus, yield strength and fracture
toughness (see Eq. 4) [18]. Ryo.2 values necessary at 300, 500 and 700 °C for the calculation of
CTOD were interpolated between values given in Fig. 7.

Hic
ExEppsz

CTOD = (4)

The CTOD values and the plastic zone sizes of HM grades A, C and D are illustrated in Fig. 9

for the investigated temperature range.
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Fig.9: a) Crack tip opening displacement CTOD and b) plastic zone size of selected HM grades A, C and

D as a function of temperature.

They remain almost constant for all HM grades up to 500 °C, whereas at 800 °C both r, and
CTOD are significantly increased for HM grades C and D, respectively. The rise of r, and CTOD
of HM A is far less pronounced. From RT to 500 °C r, is similar or somewhat larger than the
WC grain size for all HM grades. Above 700 °C, CTOD approaches respective values close to

and r, values well above the average WC grain size.

The morphology of fracture surfaces produced in SENB tests was documented via SEM for all
HM grades, e.g. for HM E tested at RT, see Fig. 10a), and at 800 °C, see Fig. 10b). The
positions of the SEM micrographs were regions of unstable crack propagation i.e. overload
fracture close to the fatigue pre-crack necessary for K, determination (Fig. 11a)). White
arrows in Fig. 10b) and black circles in a FIB cross section in Fig. 10c) indicate rounded Co

features observed on the fracture surfaces.
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Fig.10: SEM micrograph of fracture surface of HM E from SENB after testing at a) room temperature
and b) 800 °C; c) FIB cross section of fracture surface shown in b). White arrows in b) and black circles

in c) indicate rounded structures of the Co binder.

These round structures cannot be observed on the RT fracture surface where a dimple shape
of the Co phase prevails that is characteristic for instable crack propagation in WC-Co hard
metals at RT [19], see Fig. 10a). The transformation from dimples to round shapes is most
likely driven by the enhanced surface diffusion and reduction of surface energy during
annealing of the fracture surface after testing when elevated temperatures act over a
relatively long period of time. A similar behaviour is known e.g. for pearlitic steels, in which
cementite lamellas transform into globular ones [20]. This hypothesis is supported by the
fact that fracture surfaces formed at RT that underwent an additional annealing treatment
with the same temperature-time history as SENB specimens tested at 800 °C show the same

Co binder morphology.

The dashed line in Fig. 11 indicates the transition between zones of fatigue crack
propagation and instable crack propagation; the black arrows show the crack propagation

direction.
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Fig.11: SEM micrograph of fracture surface of HM E. The dashed line indicates the transition between

the fatigue pre-crack and instable crack propagation.

The white rectangle in Fig. 11 indicates the area of roughness evaluation in terms of R,. The

respective roughness values are documented in Fig. 12.
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Fig.12: Average roughness in terms of R, of fracture surfaces from SENB specimens tested at RT and

800 °C as function of determined fracture toughness K for selected HM grades A, D, E and F.

At RT the R, values observed for HM grades A, D and F are similar; HM E did exhibit the
highest value. R, values observed on fracture surfaces obtained at 800°C rise compared to
the RT values for all HM grades except HM A with the lowest Co content. Note that this
increase of fracture surface roughness is connected with a rise of K¢ (c.f. Fig. 8). A possible
explanation for this observed correlation is the lowered yield strength at elevated
temperatures and the therefore increased plastically deformed volume in front of the crack
tip. The plastic zone at 800°C is significantly larger than at RT and also larger than the
average WC grain size. Also CTOD, that scales with an elevated level of strain concentrated in
the crack tip’s very vicinity, does rise significantly above 700 °C. These changes may have
significantly altered the distribution of the fracture path along the principally possible ones
within the WC-Co microstructure described in the literature for RT conditions [21]: along a)
WC-WC interfaces, b) WC-Co interfaces, c) within the Co binder and d) near the WC- binder
interface. The clarification to what extent this occurred was not within the scope of the

current work and calls for further research.
Conclusions

Within this work material properties such as Young’s and shear modulus, Poisson’s ratio,
yield strength, fracture toughness are determined as a function of temperature for WC-Co
hard metals with a systematic variation in Co content and WC grain size. Young’s and shear
modulus decrease with increasing temperature and Co content. Poisson’s ratio is not
influenced by temperature, Co content and WC grain size. Yield strength decreases with
increasing temperature and increasing Co content. From room temperature to 700 °C there

is no pronounced influence of Co content and WC grain size on fracture toughness within the
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investigated parameter range. At 800 °C all investigated hard metal grades with a Co content
higher than 8 wt.% showed a significant increase in fracture toughness. Average fracture
surface roughness increased with increasing testing temperature for these grades. A
potential explanation for this observation is an altered crack path along the principally
possible ones within the WC-Co microstructure triggered by an increase of plastically

deformed volume around the crack tip at elevated temperatures.
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